
Assessment of fatigue strength of welded steel

joints at sub-zero temperatures based on the

micro-structural support effect hypothesis

Vom Promotionsausschuss der

Technischen Universität Hamburg

zur Erlangung des akademischen Grades

Doktor-Ingenieur (Dr.-Ing.)

genehmigte Dissertation

von

Moritz Braun

aus

Magdeburg

2021



Vorsitzender des Prüfungsausschusses

Prof. Dr.-Ing. Otto von Estorff

Gutachter

1. Gutachter: Prof. DSc. (Tech.) Sören Ehlers

2. Gutachter: Prof. Dr. Zuheir Barsoum

Tag der mündlichen Prüfung: 9. September 2021

DOI: 10.15480/882.3782

ORCID: 0000-0001-9266-1698

https://doi.org/10.15480/882.3782
https://orcid.org/0000-0001-9266-1698




Acknowledgements

This thesis would never have been possible without many bright and loving people.

Sören, thank you for the many years of supervision, mentoring and guidance. I did not

expect it to be such a great journey when you asked me to come to Hamburg with you

back in early 2014.

I am tremendously grateful to Professor Wolfgang Fricke for the deep conversations

and discussions about fatigue theory and the strong support while writing many of the

papers that built the basis for this thesis.

I also would like to thank Professor Gunnar Härkegård for sparkingmy interest in fatigue

and fracture mechanics and Professor Zuheir Barsoum for agreeing to act as the second

examiner of my thesis.

To all my colleagues at TUHH and in Commission XIII of the International Institute of

Welding, thank you for the endless number of funny situations, great conversations, and

shared struggles of being a young researcher.

Many thanks to all my students for the many hours that we spent together performing

experiments, discussing data and simply talking about everything under the sun.

To my parents, my sister and all friends, thank you for your loving support over all these

years.

Esther, thank you for your love, your support and for being the driving force that helped

me finish this thesis. You know best how it sometimes feels. I am incredibly lucky to have

you by my side.



When a writer of fiction lays the scene of his story on Mars, he recognizes that differences

in environment must be met by different materials. He not only describes the Martians

themselves and the flora and fauna of the planet as oddly different from the living things

we are accustomed to on Earth, but he also supplies the Martian engineer with materials

of construction of an entirely different character, fitted to withstand new conditions.

— H.W. GILLET ET AL., Symposium on Effect of Temperature on the Properties of Metals, ASTM

International: West Conshohocken, PA,1932





I
∣∣ Motivation and general scope

For years, merchant shipping has been increasing in Arctic regions, and there is an increas-

ing number of offshore structures such as oil rigs and wind turbines being set up in areas

with seasonal freezing temperatures. In recent years, fatigue of welded joints at sub-zero

temperatures has been identified as a major knowledge gap for such structures. Although

it is known that the material properties of steel and their welded joints change with de-

creasing temperatures, the effects on fatigue strength have, so far, rarely been researched.

Consequently, the design curves and methods for room temperature are also applied to

sub-zero temperatures.

In particular, stress–life data—which is the basis for fatigue design of ships and offshore

structures—at sub-zero temperatures is scarce; available data for sub-zero temperature fa-

tigue is based on fatigue crack growth rate tests. These tests showed that fatigue crack

growth rates decreased above and increased below the fatigue ductile-brittle transition

temperature. Despite this known fatigue transition behaviour, design standards for ships

and offshore structures focus almost exclusively on Charpy and fracture toughness prop-

erties for material qualification and selection. Therefore, the overall goal of this thesis is

to investigate the fatigue strength of welded joints in terms of stress–life curves and how

to include temperature effects in fatigue assessment.

By fatigue testing different structural steels and weld details, a database for the fa-

tigue strength of welded structural steels at sub-zero temperatures is created. For this

purpose, welded structural steel joints are fatigue tested down to −50 °C. This database

is complemented by performing other material tests typically used to qualify materials,

which permits a comprehensive assessment of material behaviour of welded steel joints

at sub-zero temperatures.



Typical fatigue assessment methods for welded joints are not capable of taking influ-

encing factors such as temperature into account; however, in recent years methods that

are based on the micro-structural support effect hypothesis have become much less cum-

bersome. These methods can relate the fatigue behaviour to general material properties

such as strength and grain structure, and are thus expected to be able to take sub-zero

temperature effects into account. In this thesis, novel fatigue design concepts—based on

themicro-structural support effect hypothesis—for welded joints are extended to sub-zero

temperatures.

To assess the relevance of the proposed methods to account for temperature effects

within fatigue assessment, a comparisonwith state-of-the-artmethods is performed. More-

over, guidance on the application of fatigue assessment methods for welded steel joints

at temperatures below freezing is presented for the first time.

To achieve the overall goal, the following objectives are identified:

1. Determination of static and cyclic material behaviour at room temperature down to

temperatures representative for Arctic regions minus a safety margin (i.e. −50 °C) of

welded structural steel.

2. Statistical and numerical determination of the fatigue behaviour based on the ex-

periments to create a benchmark for the extension of fatigue design methods to

sub-zero temperatures.

3. Review and expansion of fatigue assessmentmethods—based on themicro-structural

support effect hypothesis—for welded joints to sub-zero temperatures.

These objectives form the basis for the determination and evaluation of fatigue be-

haviour of welded structural steel joints at sub-zero temperatures. Hence, this thesis seeks

to help to gain knowledge on the safety margins of weld details in ships and offshore struc-

tures operating in Arctic regions and on fatigue design of such structures by accounting

for temperature effects within fatigue assessment.





II
∣∣ List of publications with authors’

contributions

This thesis is based on a number of publications published in peer-reviewed journals and

conference proceedings. These publications are categoriezed as follows: review of the

state of the art [P1], data acquisition and evaluation [P2–P4], application of state-of-the-

art fatigue assessment methods to the obtained data [P5], and extension of fatigue as-

sessment methods to cover temperature effects based on a sound physical basis [P6, P7].

Additional publications that fall out of the main scope but contributed to the thesis are

[P8–P11].

List of peer-reviewed publications by the author related to this thesis:

[P1] Bock und Polach RUF von, Klein M, Kubiczek J, Kellner L, Braun M, Herrnring H

(2019). State of the Art and Knowledge Gaps on Modelling Structures in Cold Re-

gions. ASME 2019 38th International Conference on Ocean, Offshore and Arctic

Engineering. Vol. 8: Polar and Arctic Sciences and Technology; Petroleum Technol-

ogy. DOI: 10.1115/OMAE2019-95085

Each co-author wrote one section of the paper. Braun contributed with a section on

fatigue at sub-zero temperatures.

[P2] BraunM, Scheffer R, FrickeW, Ehlers S (2020). Fatigue strength of fillet-welded joints

at subzero temperatures. Fatigue & Fracture of Engineering Materials & Structures

43(2):403–416. DOI: 10.1111/ffe.13163

https://doi.org/10.1115/OMAE2019-95085
https://doi.org/10.1111/ffe.13163


Braun performed the experiments and the assessment of the test results as well as

the writing of the paper. Scheffer performed the laser scans of the welded speci-

mens and the post-processing of the laser scans. Fricke and Ehlers contributed with

valuable comments and guidance.
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III
∣∣ Structure of the thesis

The thesis consists of three main parts that are listed in Figure 1 together with the cor-

responding papers. The first part reviews the current state of the art on fatigue, and

the effect of temperature on fatigue and builds the foundation for both the experimental

and the computational parts of the thesis. The experimental work—including the data

acquisition and the evaluation—is summarized in Chapters 3, 4, and 5. Based on the first-

of-its-kind database on different welded connections tested at room and sub-zero tem-

peratures, two novel methods for including temperature effects in fatigue assessment of

welded joints are derived in Section 6.3 and 6.4. These are compared to results obtained

with state-of-the-art fatigue assessment methods in Section 6.6. Finally, the applicability

of the two novel methods to assess fatigue at sub-zero temperatures and the experimental

results are discussed; an outlook with possible directions for further research is given.

Figure 1. Structure of this thesis
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[C3] An investigation of temperature effects on fatigue strength of welded joints based

on statistical methods.

[C4] A study on the limitation of state-of-the-art stress-based fatigue assessmentmethods

for fatigue assessment of fillet-welded joints with weld toe and root failure, and on

the deviation caused by sub-zero temperatures [P5].

[C5] Extension of the strain-energy density method for fatigue assessment of welded

joints at sub-zero temperatures [P7].

[C6] Proof of the capability of the stress averaging and strain energy density methods

to account for temperature-related changes of the micro-structural support effect

based on a sound physical basis [P6, P7].

[C7] Derivation of temperature modification factors and functions for weld toe and weld

root fatigue assessment for a wide range of fatigue assessment methods [P5, P7].



[C8] The first thorough assessment of differences in prediction of different effective stress

methods based on the micro-structural support effect hypothesis in conjunction with

a sensitivity study regarding mesh refinement, assumed strength hypothesis and ma-

terial behaviour [P9].

[C9] A comparison of different measurement methods and systems for local weld geom-

etry assessment based on optical systems [P10].





Notation

Abbreviations

bcc Body-centred cubic

BS British Standard

CDF Cumulative distribution function

CV Coefficient of variation

DBTT Ductile–brittle transition temperature

DVS German Welding Society (in German: Deutscher Verband für

Schweißen und verwandte Verfahren e. V.)

EN European Standard

FAT class Fatigue design class (i.e. the reference fatigue strength at

N = 2× 106 cycles with Ps = 97.5% survival probability)

FCAW Flux-cored arc welding

fcc Face-centred cubic

FCG Fatigue crack growth

FDBT Fatigue ductile–brittle transition

FE Finite element

FTT Fatigue transition temperature

HAZ Heat-affected zone

IIW International Institute of Welding

ISO International Organization for Standardization

LAST Lowest anticipated service temperature

N-SIF Notch stress intensity factor

PCHIP Piecewise cubic hermite interpolating polynomial

continued on next page



continued from previous page

PDF Probability density function

RT Room temperature

SD Standard deviation

SE Standard error

SED Strain energy density

SIF Stress intensity factor

S–N Stress–life

TCD Theory of Critical Distances

WM Weld metal

WPS Welding procedure specification

WR Weld root

WT Weld toe

Symbols

a, ai [mm] Crack length and initial crack length at the

fatigue limit

a
′

[mm] El Haddad-Smith-Topper parameter

aN ′
[mm] Characteristic length parameter of V-

notched component

ath [mm] Weld throat thickness

AD, AD∗ Test value and critical value of the

Anderson-Darling test

b Slope parameter of linear fit of correlated

data

B, L, t,H [mm] Specimen’s width, length, and thickness;

and stiffener height

d1, d2 [mm] Undercut depths

da/dN [mm/cycle] Crack growth rate

dev Logarithmic deviation between the exper-

imental and the predicted cycles to failure

continued on next page
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E [GPa] Young’s modulus

e [mm] Axial misalignment

ef [%] Elongation at fracture

e1, e2 SED stress-strain field correction factors

f (R) Mean stress correction factor

Hw [mm] Weld height

k, k Slope exponent of the stress-life curve

and mean slope exponent

KC, KIC [MPa mm0.5] Fracture toughness and plane strain frac-

ture toughness

km, km,e, km,a Total stress magnification factor, stress

magnification factors for axial and angu-

lar misalignment

Kt Stress concentration factor

K1, Kmax [MPa m0.5] Stress intensity factor for mode I andmax-

imum stress intensity factor

KN
1 , KN

2 , ∆KN
1 ,

∆KN
2

[MPa mm1-λ1 , MPa

mm1-λ2 ]

Notch-stress intensity factors for mode I

and II, as well as corresponding ranges

L [mm] Material characteristic length

M (T) Temperature modification formula

m Slope of fatigue crack growth curves

n Number of specimens

Nf, Nf,exp,

Nf,pred,97.5%,

Nf,pred,97.7%

Number of cycles to failure, experimental

number of cycles to failure, and number

of cycles to failure for 97.5% and 97.7%

survival probability

p-value Probability value

Ps Survival probability

Q (T) Notch sensitivity function

continued on next page
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R, R̃ Stress ratio (Ratio between lower and up-

per stress) and nominal load ratio (Ratio

between lower and upper applied load-

ing)

R2 Coefficient of determination

RC, RC,WT , RC,WR [mm] Control radius, control radius at weld toe,

and at weld root

rxy, ∆rxy Pearson correlations coefficient and dif-

ference between two dependent correla-

tions coefficient

r∗xy Estimate of the correlation coefficient

of the real population (mean of boot-

strapped estimates)

r0 [mm] Distance between the V-notch tip and the

origin of the local coordinate system

s Support factor of notch stress approach

S, Sc [Nmm/mm2] Strain energy density factor and critical

strain energy density factor

SDx, SDy Standard deviation about x- and y-axes

T [◦C] Temperature

Ts Scatter ratio (1/ ( ∆σR,10%/∆σR,90% ))

VR, VR,97.7% Fatigue strength ratio between sub-

zero and room temperature, and fatigue

strength ratio between experimental re-

sults and corresponding FAT class

W [mm] Weld width

W, ∆W, Ŵ [Nmm/mm3] Averaged strain energy density, strain en-

ergy density range, and normalized strain

energy density

continued on next page
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Wc [Nmm/mm3] Critical absorbed energy up to fracture

per unit volume

Y Crack geometry function

z1, z2 [mm] Leg lengths

a Significance level

2α, γ [◦] Notch opening angle and bisector

α ′
ξ Non-dimensional shape coefficient of the

generalized Kitagawa-Takahashi diagram

α
1/ξ
ξ a [mm] Effective dimension of the generalized

Kitagawa-Takahashi diagram

β Geometrical correction factor of mode I

N-SIF threshold value

∆Kth, ∆KN
1,th [MPa m0.5, MPa

m1- λ1 ]

Fatigue crack growth threshold for long

cracks and mode I N-SIF threshold value

∆Kth,norm,

k∆Kth,norm

[MPa m0.5, MPa

m0.5/◦C]

Normalised fatigue crack growth rate

threshold of ∆Kth vs. T data and mean

slope of ∆Kth,norm

∆σeff [N/mm2] Effective stress range

∆σR [N/mm2] Reference fatigue strength

∆σR,FAT [N/mm2] Reference fatigue strength given by the

FAT class

∆σR,50% (T),

∆σR,50% (T = 20◦C)

[N/mm2] Mean fatigue strength and mean fatigue

strength at room temperature (i.e. 20 °C)

∆σR,97.7% [N/mm2] Fatigue strength at N = 2× 106 cycles for

a probability of survival of Ps = 97.7%

∆σ0 [N/mm2] Fatigue limit of smooth base material

specimen

θ1, θ2 [◦] Weld flank angles
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λ1, λ2 Eigenvalues of the Williams’ stress field

solution for theN-SIFK1 andK2 formodes

I and II

µWT , µWR Mean deviation for specimens showing

weld toe and weld root failure

ν Poisson’s ratio

ξ Degree of singularity of the Williams’

stress distributions

ρ∗ [mm] Micro-structural support length

ρreal [mm] Real notch radius

ρref [mm] Reference radius

ρ1, ρ2 [mm] Weld toe radii

σ [N/mm2] Averaged stress

σb,w [N/mm2] Bending stress

σeff, σeff,max,

σeff,norm

[N/mm2] Effective stress, maximum effective stress,

and normalized effective stress

σmax, σmin [N/mm2] Maximum and minimum stress

σm,w [N/mm2] Membrane stress

σn, ∆σn [N/mm2] Nominal stress and nominal stress range

σrr, σrΘ, and σΘΘ [N/mm2] Stress components in polar coordinates

(r, Θ)

σs [N/mm2] Structural stress

σs,w [N/mm2] Structural weld stress (σm,w + σb,w)

σUTS, σYS, σY0.2 [N/mm2] Ultimate tensile strength, yield strength,

and 0.2% offset yield strength

σx (y) [N/mm2] Stress normal to the leg section

σ1 [N/mm2] First principal stress

σ1 (x) [N/mm2] First principal stress gradient in x-

direction

τ [N/mm2] Shear stresses in the base plate
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τw [N/mm2] Shear stresses in the fillet weld

ϕ [◦] Angular misalignment

χi Auxiliary parameter for mode i
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1
∣∣ Background

1.1
∣∣ Material behaviour at sub-zero temperatures

For years, shipping traffic in the Arctic areas has been increasing considerably; in addi-

tion, offshore structures such as oil rigs and wind turbines have been set up in areas with

seasonal freezing temperatures. These structures and their materials face severe environ-

mental requirements that must be addressed during design. Several knowledge gaps have

been identified in the assessment of structures in Arctic regions in recent years. Among

these the most challenging might be ice mechanics, including ice-structure interaction

(Jordaan 2001), wave mechanics in ice-covered regions (Hartmann et al. 2020), and mate-

rial behaviour at sub-zero temperatures (Horn and Hauge 2011; Hauge et al. 2015; Østby

et al. 2015). The latter is divided into static and cyclic material properties, related to static

or cyclic loads. Among these topics, fatigue behaviour at low temperatures is a crucial

aspect with regard to structural safety and a known cause of incidents (Necci et al. 2019).

Not surprisingly, the importance of considering fatigue as a driving design factor for ships

(Bridges et al. 2006; Zhang et al. 2011; Suyuthi et al. 2013; Kim and Kim 2019) and off-

shore structures (Zhang et al. 2018a; Hendrikse and Nord 2019; Panin et al. 2019) has led

to increased fatigue testing and analysis at sub-zero temperatures. Although it is known

that lower temperatures change the material properties of steel and its welded joints, the

resulting effects are still only partly understood, in particular regarding fatigue behaviour

at sub-zero temperatures (Alvaro et al. 2014; Walters et al. 2016).

Fatigue testing at sub-zero temperatures dates back to the beginnings of aerospace

exploration and the storage and transport of liquefied gases (Gillett et al. 1932; McClin-

tock and Gibbons 1960; Reed et al. 1971; Kaufman 1975); however, due to increased

shipping and interest in oil and gas exploration in polar regions an increase of studies on
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fatigue strength at sub-zero temperatures has recently been noted. Yet, while adverse

effects caused by high temperatures (such as creep, see Mannan and Valsan (2006)) are

well covered in the literature and in international standards, there are few publications on

the fatigue properties of welded joints at sub-zero temperatures, e.g. (Liaw et al. 1985;

Shulginov and Matveyev 1997; Baek et al. 2001; Kang et al. 2009; Bridges et al. 2012;

Jung et al. 2013; Jeong et al. 2015a; Feng and Qian 2018; Kim et al. 2018; Li et al. 2018;

Liao et al. 2018; Viespoli et al. 2019; Zhao et al. 2020a; Zhao et al. 2020b; Wang et al.

2021). Furthermore, most studies on sub-zero temperature fatigue focus on linear elastic

fatigue crack growth (FCG) rate testing for cryogenic applications. Stress–life (S–N) data

for welded structural steel joints exposed to temperatures relevant to Arctic conditions

are particularly scarce and, with the exception of Bridges et al. (2012), Li et al. (2018), and

Wang et al. (2021), who tested different fillet-welded joints, have focussed on butt-welded

joints.

Despite most studies finding an increase in fatigue strength at sub-zero temperatures,

current fatigue design standards and recommendations do not consider adjusting fatigue

design curves (cf. (EN 1993–1–9:2005; LR ShipRight; Hobbacher 2016; EN ISO 19906:2019)).

Also, sub-zero temperature effects on fatigue are usually not mentioned, but one excep-

tion is the International Organization for Standardization (ISO) standard for Arctic offshore

structures (EN ISO 19906:2019), which states that ’attention should be paid to the validity

of stress–life curves with regard to low temperature application’; nonetheless, recommen-

dations on how to verify the validity of the S–N curves are not given. Currently, design

standards focus almost exclusively on fracture toughness requirements for engineering

structures exposed to sub-zero temperatures (Hauge et al. 2015); however, a wide range

of parameters should be considered for applications at temperatures below freezing to

reduce the risk of brittle failure.

According to the ISO technical specification for material requirements in Arctic opera-

tions (ISO/TS 35105:2018), the main parameter categories for design are tensile proper-

ties, fracture and arrest toughness, and fatigue. Avoidance of brittle fractures is achieved

by demonstrating sufficient fracture toughness at the design temperature (service tem-

perature minus a safety margin). The lowest anticipated service temperature (LAST) is

often used to define the temperature range for material tests (EN ISO 19902:2018). A re-

alistic short-term service temperature limit is −40 °C (ISO/TS 35105:2018). The resulting
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fracture and arrest toughness requirements are difficult to meet. Furthermore, it raises

the question of whether fatigue design curves that are based on room temperature tests

are applicable to such low temperatures. The reason for this is the fatigue transition be-

haviour of structural steels at temperatures in the range of the ductile to brittle transition

temperature (DBTT).

With decreasing temperatures, themechanism of stable crack growth behaviour changes

from plastic blunting and cracking to cleavage-controlled brittle fractures for ferritic mate-

rials with body-centred cubic (bcc) crystal structure like structural steels. On the contrary,

materials with face-centred cubic (fcc) crystal structures do not show such a transition be-

haviour. Several test methods have been invented to measure transition temperatures for

design purposes; yet, the most commonly applied in many industries are fracture tough-

ness and Charpy V-notch impact tests. These tests are used to confirm that the DBTT is

below the expected operating temperatures minus a prescribed safety margin (EN ISO

19902:2018).

Most fatigue tests at sub-zero temperatures in past decades were performed to inves-

tigate the FCG rate of fcc base materials for cryogenic applications (Kawasaki et al. 1977;

Yarema et al. 1977; Stonesifer 1978; Moody and Gerberich 1979; Stephens et al. 1979;

Basinski et al. 1980; Lucas and Gerberich 1981; Tschegg and Stanzl 1981; Esaklul et al.

1985; Liaw et al. 1985; Stephens 1985; Ostash and Zhmur-Klimenko 1987; Ostash et al.

1988; Lü and Zheng 1991; Vogt et al. 1993; El-Shabasy and Lewandowski 2004). Since

the ductile striations mechanism defines the crack growth of such materials down to ex-

tremely low temperatures (around 4 K (Alvaro et al. 2014)), it is often assumed that low

temperatures have no detrimental effect on fatigue properties (Hauge et al. 2015); how-

ever, in the 1970s a transition behaviour of FCG rates of bcc-type materials had already

been observed and this was related to the DBTT (obtained from fracture toughness tests)

by Kawasaki et al. (1975).

As the material undergoes a transition from ductile to brittle fracture mechanism the fa-

tigue crack growth behaviour (described by Paris’ law) also changes. A significant change

in the slope exponent of Paris’ law, is often associated with the fatigue ductile–brittle

transition (FDBT), see Figure 2(a). This is further highlighted by a reduction in fatigue

crack growth threshold (stress intensity factor corresponding to fatigue crack growth rates

≤ 10−7 mm/cycle). The relation between the DBTT and the fatigue transition temperature



1
∣∣ Background 4

] - [
]

m√a
P

M [
[ μ

m
/c

yc
le

 ]
P

ar
is

‘ e
xp

on
en

t
da

/d
N

F
ra

ct
ur

e 
to

ug
hn

es
s 

K
C

Temperature [K]Stress intensity factor range ∆K [kgf/mm   ]

F
at

ig
ue

 c
ra

ck
 g

ro
w

th
 r

at
e 

da
/d

N
 [m

m
/c

yc
le

]

32028024020012080 160

13

12

11

10

9

8

7

3.0

3.2

3.4

3.6

3

4

5

6

260

240

220

200

180

160

-2

-3

-4

-5

-6

-7

10

10

10

10

10

10
20 10050

Exponent

da/dN (ΔK = 120 MPa√m)

Cycles

K

3/2

C

C
yc

le
s 

to
 fa

ilu
re

 N
f (

10
3 )

+20 °C

-160 °C

(a) (b)

Figure 2. A fatigue crack growth rate (da/dN) versus stress intensity factor range (∆K) curve for a
low-carbon steel above and below the FTT (a) and the effect of test temperature on a number of
material parameters of a 5.5% Ni steel (b), based on Yarema et al. (1977) and Kawasaki et al. (1977)

(FTT) is typically confined to a narrow temperature range. This is illustrated by the simul-

taneous change of fracture toughness Kc, crack growth rate, and slope exponent of Paris’

law around 120 K in Figure 2(b).

The first records of the effect of different types of fatigue loading on the DBTT date

back to the years following the Second World War (MacGregor and Grossman 1948; Fe-

gredo and Thurston 1966). Also, the effects of both load level (Williams and Lawrence

1962) and loading rate (Harris and Benham 1965) were discovered early; yet, to this day

the mechanism of fatigue and fracture transition and the relation between the two are

contraversial, see (Alvaro et al. 2016, 2017; Fang et al. 2019; Fang et al. 2020; Zhao et al.

2020a).

By conducting FCG rate tests over a wide temperature range and scanning electron

fracture area investigations, Alvaro et al. (2016, 2017) and Fang et al. (2019) and Fang et al.

(2020) relate this behaviour to a change in the striation process when ductile crack growth

is superimposed by cleavage fractures caused by embrittlement of the material; however,

at temperatures below room temperature but above FTT the FCG rate is significantly re-
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duced, which extends the life of the structure (Alvaro et al. 2016; Walters et al. 2016; Alvaro

et al. 2017; Fang et al. 2019; Fang et al. 2020). The relationship between FTT and DBTT

is better understood for various structural steel-based materials due to recent efforts by

the above-mentioned research groups. Yet, overall, the influence of temperature on the

fatigue properties of welded structures is still poorly understood.

Fracture toughness tests show that the DBTT in the heat-affected zone (HAZ) of welded

structures is generally higher than in the surrounding base metal (Anderson and McHenry

1982; Zerbst et al. 2014), which is why such tests must be carried out with the notch tip

at the fusion line between the weld metal and the HAZ. Nevertheless, the influence on

the fatigue properties of welded structures remains unclear due to the lack of compre-

hensive investigations on the change in the static and cyclic properties of welded joints

at sub-zero temperatures. Thus, this research aims to shed light on the relation between

fatigue strength and material parameters that are typically used to qualify materials and

welded connections for sub-zero temperatures. In this context, some considerations on

the temperature influences on design of ships and offshore structures based on current

international standards are given below.

1.2
∣∣ Consideration of sub-zero temperature material behaviour in

design and standards

It is well known that a wide range of static and cyclic material properties change with

temperature, see (Kawasaki et al. 1975; Kawasaki et al. 1977; Outinen and Makelainen

2004; Ehlers and Østby 2012; Wang et al. 2013; Alvaro et al. 2014; Paik et al. 2017; Wang

et al. 2020; Zhao et al. 2020a); yet, fatigue is rarely considered in international standards.

Only the technical specification ISO/TS 35105:2018 recommends performing FCG rate

testing at room temperature and LAST if sufficient Charpy toughness cannot be proven at

LAST −18 °C. Even this document does not consider S–N approaches. Furthermore, this

empirical relation was established based purely on tests of base and welding simulated

(Gleeble tests) materials, see (Alvaro et al. 2016; Walters et al. 2016; Alvaro et al. 2017).

Due to the low cost of performing Charpy impact tests, material selection is usually

based on empirical Charpy and fracture toughness relationships at design temperatures

(according to the Sanz correlation (Sanz 1980)) and DBTT estimates, see (Wallin 1991;
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Sedlacek et al. 2008). Depending on the application, different standards must be con-

sidered when selecting materials and welding processes for structures operating in Arctic

regions or generally at low temperatures. Design standards such as EN ISO 19902:2018

typically specify test temperatures—in relation to the design temperature—depending on

steel grade and plate thickness but refer to technical delivery condition standards for mini-

mum toughness requirements. Standards for delivery conditions are, however, not specif-

ically developed for structures exposed to sub-zero temperatures. As a consequence,

frequently applied standards for technical delivery condition such as EN 10225-1:2019

and API SPECIFICATION 2W are limited to temperatures above −10 °C and design stan-

dards, e.g. NORSOK M101 and IEC 61400-3-1:2019 to temperatures above −14 °C and

−15 °C, respectively. Although the latest version of EN 10225-1:2019 includes an informa-

tive section on the prequalification of steels for offshore structures in Arctic regions, the

requirements are set by agreements between the producer and customer. Nonetheless,

these standards are used to set requirements for steel plates and their welded joints which

must be fulfilled at the design temperature e.g. LAST (minus a safety margin). For struc-

tures in the Barents Sea, design temperature can reach temperatures as low as −40 °C

(Horn and Hauge 2011). Due to cost and feasibility aspects, reasonable definitions of ma-

terial requirements for applications at sub-zero temperatures have become an important

topic in recent years, see (Horn and Hauge 2011; Brandt et al. 2012; Horn et al. 2012;

Hauge et al. 2015; Østby et al. 2015; Horn et al. 2016); nevertheless, current standards

still rely on shifts of toughness requirements with design temperatures well below the in-

tended temperature range of technical delivery conditions. Interestingly, the definition of

design temperatures also varies significantly between classification societies and interna-

tional standards, see (Horn et al. 2016; Ehlers et al. 2018; Kubiczek et al. 2019).

Due to their chemical composition and processing, modern high-strength structural

steels are expected to have advantageous mechanical properties at low temperatures

compared to mild steels. A high fracture toughness at design temperature is decisive for

the selection of materials for Arctic applications. While normal-strength structural steels

do not have to meet fracture toughness requirements at temperatures below −20 °C,

many higher-strength steels meet these requirements even at temperatures of −50 °C or

−60 °C (Thieme and Schröter 2013); however, due to the lack of S–N fatigue test data

for welded joints it is unclear whether normal-strength steels—which are often used for
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ship structures—suffer from a reduced fatigue strength at temperature below the certified

operating temperature based on Charpy impact tests.

In the following two sections, the objectives and the scope of this thesis regarding

fatigue strength and strength assessment of welded structural steels at sub-zero temper-

atures as well as the research approach are presented.

1.3
∣∣ Specific objectives

Asmentioned previously, fatigue of welded joints at sub-zero temperatures has been iden-

tified as one major knowledge gap related to design of ships and offshore structures for

Arctic regions (Alvaro et al. 2014; Walters et al. 2016). In particular, S–N data—which is

the basis for fatigue design of ships and offshore structures—at sub-zero temperatures is

scarce. Hence, the same design curves and methods as for room temperature are applied

for sub-zero temperature fatigue assessment of ships and offshore structures. Conse-

quently, the fatigue strength of welded joints in terms of S–N curves and how to account

for temperature effects within fatigue assessment methods are investigated in this thesis.

Fatigue crack initiation and propagation at welded joints as well as actual fatigue as-

sessment are processes that are typically dealt with on a continuum mechanics scale (in

the millimetre range and above). As structural materials are not homogeneous, fatigue

is, however, inevitably influenced by effects of micro- and meso-scale like crystal phases

and grain boundaries. These effects are well known—and have been known for almost a

hundred years—to affect crack initiation at notches. In general, the process of crack ini-

tiation at notches is not purely governed by the maximum macroscopically derived stress

but influenced by the micro-structural features of the material surrounding the notch, see

Neuber (1958). This effect is termed the micro-structural support effect hypothesis and is,

among others, influenced by the thermally activated plastic deformation process.

By fatigue testing different structural steels and weld details as well as performing

other material tests used to qualify materials, both a database for fatigue strength of

welded structural steels at sub-zero temperatures is created and the relation to typical

material tests is presented. For this goal, welded steel joints of normal and high-strength

structural steels are fatigue tested down to −50 °C. On this basis, novel fatigue design

concepts—based on the micro-structural support effect hypothesis—for welded joints are
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extended and compared to state-of-the-art methods. Typical fatigue assessment meth-

ods for welded joints are not capable of taking influencing factors such as temperature

directly into account; however, methods based on the micro-structural support effect hy-

pothesis—like the averaged strain energy density method and the stress averaging ap-

proach—offer a possibility to overcome this deficiency.

Finally, guidance on the application of fatigue assessment methods for welded steel

joints at temperatures below freezing is presented for the first time. To achieve the over-

all goal (investigating the fatigue strength of welded joints at sub-zero temperatures by

S–N tests and how to include temperature effects in fatigue assessment), the following

objectives are defined.

The first objective is the determination of the static and cyclic material behaviour at

room temperature down to temperatures representative for Arctic regions minus a safety

margin (i.e. −50 °C) of two welded structural steel types. The fatigue tests build the

data basis for the extension of fatigue assessment methods to sub-zero temperatures.

Additionally, Charpy V-notch impact tests are performed to relate the change in fatigue

behaviour to the properties that are typically applied for material selection.

The second objective is the statistical and numerical determination of the fatigue be-

haviour based on the aforementioned experimental results. In order to create a bench-

mark for the novel fatigue design concepts—based on the micro-structural support effect

hypothesis—a number of state-of-the-art fatigue assessment concepts are applied to the

fatigue test data of welded steel joints.

The third and final objective is the review and expansion of fatigue assessment con-

cepts for welded joints to sub-zero temperatures. To this end, two concepts that are both

based on the micro-structural support effect hypothesis are selected and finally compared

to state-of-the-art methods.

These objectives form the basis for the determination and evaluation of fatigue be-

haviour of welded structural steel joints at sub-zero temperatures. Hence, this thesis seeks

to further knowledge on the safety margins of weld details in ships and offshore structures

operating in Arctic regions and on fatigue design of such structures by accounting for

temperature effects within fatigue assessment. In addition to the area of shipbuilding and

offshore technology considered here, a transfer of the results to other areas (e.g. civil

engineering, general steel construction etc.) is also possible.
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Figure 3. Schematic representation of the research approach

1.4
∣∣ Research approach

The main goal of this thesis is to generate a better understanding of the fatigue of welded

connections subjected to sub-zero temperatures and to developways that enable account-

ing for temperature effects within fatigue assessment. With the help of experimental, sta-

tistical, and numerical investigations, the fatigue behaviour of welded joints at low temper-

atures is investigated. For this reason, a brief explanation of how the individual objectives

will be achieved is given below. To illustrate the research approach a schematical repre-

sentation is given in Figure 3.

The static and cyclic material tests are carried out on typical weld details like butt-

and fillet-welded joints, since these represent the most common forms of welded joints
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in the maritime industry. The aim of the experiments is to assess the influence of various

parameters on the static and cyclic properties of structural steels and their welded joints

at sub-zero temperatures. One focus is on the relationship between the transition tem-

peratures (DBTT and FTT) presented in Section 1.1 and the influence of temperature on

the fatigue strength. For this purpose, Charpy impact tests are performed in addition to

fatigue tests to measure the DBTT.

To allow comparability with real structures, welding parameters and steel grades are

used that would also be used for ships and offshore structures. Consequently, conclu-

sions on the influence of the welding process and weld material on sub-zero temperature

fatigue strength and fracture toughness can be drawn that are relevant for practical ap-

plications. So far, the relation between DBTT and FTT has primarily been investigated by

performing FCG rate tests and either Charpy or fracture toughness tests, because only

one specimen is required for each FCG rate test. To derive an S–N curve a minimum of 10

specimens are required to yield a statistically verified result for the mean fatigue strength

(DIN 50100:2016-12). Regarding the FDBT, a schematic illustration of the linear elastic

fracture mechanics FCG behaviour above and below the FTT is given in Figure 4(a). As

mentioned before, if a distinct effect of FDBT is observed, the slope of the FCG curve

changes and the fatigue crack growth threshold is reduced compared to temperatures

below room temperature but above the FTT. The corresponding trend of S–N curves is

expected to look similar to Figure 4(b) due to the relation between both slope parameters

(m and k) as well as fatigue limit (∆σR) and threshold stress intensity factor range (also

called fatigue crack growth threshold ∆Kth). As a result of those two relations, it might

be possible to observe a FDBT based on S–N tests. On the contrary, the upper regions of

fatigue crack growth (Stage III) and stress range (low cycle fatigue regime) are governed

by fracture toughness (Kc) and static yield strength (σYS).

To avoid biased results related to the chosen steel type, a typical normal-strength ship-

building steel grade S235J2+N and a higher-strength, thermomechanically rolled fine-

grain structural steel S500G1+M were selected for this study. Fine-grain steel is charac-

terized by a high static strength and low-carbon equivalent and is therefore easy to weld.

Due to these two properties, a considerable structural weight reduction, compared with

conventional structural steels, can be achieved without additional welding requirements

like pre-heating. It is therefore frequently used in offshore structures (Thieme and Schröter
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Figure 4. Schematic representation of the effect of low temperature on (a) fatigue crack growth
curves based on Alvaro et al. (2014) and (b) expected course effect of temperature on S–N curves
of welded joints, adopted from Bock und Polach et al. (2019b)

2013). The use of even higher-strength steels (yield strength σYS > 550 MPa) in maritime

structures is currently restricted by classification societies (DNVGL-RP-0005:2014-06). The

reasons for this are that the fatigue strength of welded joints with sharp notch radii is in-

dependent of the material strength (Maddox 2002) and high-strength materials typically

show higher notch sensitivity (Fricke 2014); nevertheless, such steel types offer significantly

better fracture properties at sub-zero temperatures (Walters et al. 2014). By comparing

a conventional normal-strength with a high-strength structural steel, conclusions on the

effect of steel grade on fatigue strength can be drawn for sub-zero temperature applica-

tions.

To reach the aim of this study, two fillet weld details—with the two typical failure initi-

ation sites at weld toes and weld roots—and butt-welded joints are tested at room tem-

perature (RT), −20 °C, and −50 °C. Clearly, more than one different structural weld detail

is needed for the development of fatigue assessment concepts for new fields of interest

such as sub-zero temperatures. Before the fatigue test data is used as the basis for the

development of fatigue assessment methods that take temperature effects into account,

a statistical assessment of the test data is performed to verify the effect of temperature

on the obtained test results.

State-of-the-art fatigue assessment concepts in international standards and guidelines
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are not capable of taking temperature effects into account. Consequently, two novelmeth-

ods—based on themicro-structural support effect hypothesis—are extended to cover sub-

zero temperature effects on fatigue strength. The two methods are the averaged strain

energy density (SED) and the stress averaging approach. For this purpose, finite element

(FE) simulations of the different weld details are performed.

This thesis assesses whether the assumption of an effect of yield strength on the micro-

structural support effect (Radaj et al. 2006) can be used to account for temperature effects

on fatigue strength. The investigation of the micro-structural support length of different

materials by Neuber (1968) shows that higher yield strength corresponds to a decrease in

the material-related support effect.

Finally, to assess the relevance of the proposedmethods to account for temperature ef-

fects within fatigue assessment, a comparison with state-of-the-art methods is performed.

To reach this goal, well-known fatigue assessment methods such as nominal, structural,

and effective notch stress concepts are used for a comparison. The state-of-the-art fa-

tigue methods will be used to investigate how these reflect the temperature effects in the

S–N curves. It is expected that methods which account for temperature effects lead to

higher prediction accuracy than those that do not.





2
∣∣ State of the art

2.1
∣∣ Fatigue strength at sub-zero temperatures

Due to the increased interest in transarctic shipping and oil and gas exploration in the Arc-

tic, several studies have been conducted in order to ensure the safe operation of ships and

offshore structures in Arctic regions (Milaković et al. 2018). The investigated topics span

from loading scenarios (Ehlers and Østby 2012; Suyuthi et al. 2013; Zhang et al. 2018a;

Hendrikse and Nord 2019) to new welding techniques (Aderinola et al. 2013), and material

behaviour at sub-zero temperatures (Alvaro et al. 2014; Hauge et al. 2015; Walters et al.

2016; Akselsen et al. 2017; Panin et al. 2019). There have been a number of recent pub-

lications related to fatigue crack growth in structural materials at sub-zero temperatures

(Alvaro et al. 2016; Walters et al. 2016; Zhao et al. 2019). Some interesting findings were

that fatigue strength increases constantly until a transition temperature is reached. This

sudden acceleration of crack propagation below the transition temperature is related to

embrittlement of the material (Walters et al. 2016); yet, fatigue strength—in particular of

welded structural steel joints—at sub-zero temperatures is a topic which is not yet fully

understood due to the lack of available test data (Alvaro et al. 2014; Walters et al. 2016).

In general, in most studies (found in the literature) an increase in fatigue strength with

decreasing test temperatures was observed; nonetheless, according to current design

guidelines and recommendations, no difference in fatigue strength would be accounted

for below RT (EN 1993–1–9:2005; LR ShipRight; DNVGL-RP-0005:2014-06; Hobbacher

2016; EN ISO 19906:2019), which is contradictory to experimental test results. As a con-

sequence, a literature study was performed to gather test results on fatigue crack growth

behaviour at sub-zero temperatures. In total 52 datasets were extracted from the liter-

ature that report fatigue crack growth rate threshold measurements ∆Kth at sub-zero
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Figure 5. Sub-zero temperatures∆Kth data extracted from the literature (a) and normalized average
∆Kth,norm change at sub-zero temperatures (b) from 50 datasets reported in the literature (Yarema
et al. 1977; Lucas and Gerberich 1981; Tschegg and Stanzl 1981; Choi and Schwartz 1983; Yu et al.
1984; Esaklul et al. 1985; Liaw and Logsdon 1985; Liaw et al. 1985; Stephens et al. 1985; Ostash
and Zhmur-Klimenko 1987; Aleksenko et al. 1988; Ostash et al. 1988; Lü and Zheng 1991, 1992;
Rosenberg 2003; El-Shabasy and Lewandowski 2004; Chai and Johansson 2006; Jung et al. 2013;
Jeong et al. 2015a; Jeong et al. 2015b; Walters et al. 2016; Kim et al. 2018; Liao et al. 2018; Thurston
et al. 2019), adopted from Braun et al. (2020a)

temperatures. The results are presented in Figure 5(a).

First of all, since a lot of studies focused on the determination of the fatigue transition

temperature to brittle material behaviour, only data points which are clearly above the

transition temperature were considered for the assessment. By normalizing the extracted

data with the fatigue crack growth rate threshold ∆Kth at room temperature for each

dataset, a normalized mean increase k∆Kth,norm
= −0.0033 MPa

√
m/°C is obtained (solid

red line in Figure 5(b)) with a standard deviation (SD) of 0.0021 MPa
√
m/°C (dashed red

lines). Due to the increase in fatigue crack growth threshold, an increase in fatigue strength

is expected at low temperatures, as presented in Figure 4. This is currently not reflected in

any international standard for welded engineering structures. Additionally, temperature
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effects (except for high temperatures above 100 °C) are also not considered for fatigue

assessment of welded joints. The results presented in Figure 5 are later applied to assess

the change of fatigue strength of the tested welded joints at sub-zero temperatures as

S–N fatigue test data of welded joints is scarce.

In general, there are only a few studies that present S–N fatigue test data of welded

joints at sub-zero temperatures (Shulginov and Matveyev 1997; Kang et al. 2009; Bridges

et al. 2012; Li et al. 2018; Viespoli et al. 2019; Zhao et al. 2020b; Wang et al. 2021). More

importantly, usually only one type of welded joint was fatigue tested with a limited num-

ber of specimens (i.e. less than 10 tests per temperature). This makes the development of

fatigue assessment methods for sub-zero temperatures based on literature data impracti-

cable.

DNVGL-RP-C203 recommends performing at least 15 tests for the development of

new design curves, preferably on full-scale structures or with high stress ratios R to match

the residual stress state of full-scale structures. Studies aiming at the development of

new methods or the extension of existing ones often comprise of tests of two or more

different structural details (Zhang and Richter 2000; Doerk et al. 2003; Ahola et al. 2017;

Ahola 2020; Friedrich 2020; Garcia 2020), sometimes with different failure locations (Eibl

2003; Selle et al. 2011; Fricke and Feltz 2013; Baumgartner 2014; Fischer 2016; Song

et al. 2018; Ahola 2020)), different fabrication details (Barsoum 2008; Weich 2009; Selle

et al. 2011; Doerk et al. 2012; Lotsberg et al. 2014; Bock und Polach et al. 2019a; Garcia

2020), and different steel types, cf. (Weich 2009; Doerk et al. 2012; Fischer 2016; Ahola

2020; Hensel 2020). As a rule of thumb, typically three different conditions (e.g. specimen

type, steel type, or post-weld treatment method) are tested in order to limit statistically

uncertainty. There is consequently a need for a systematic investigation into temperature

effects on fatigue strength of welded joints as available literature data is limited.

2.2
∣∣ Overview of fatigue assessment methods for welded joints

considered in this study

In this study, fatigue assessment methods for welded joints are developed that are capable

of taking temperature effects into account (stress averaging and strain energy density

method); however, in order to assess the relevance of these methods, state-of-the-art
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fatigue assessment methods are applied to the same data. These are now introduced.

Among the local state-of-the-art fatigue assessment concepts, the structural hot-spot

and effective notch stress concepts are the most commonly applied in industry (Sonsino

et al. 2012) and are included in international standards or recommendations for fatigue

assessment such as those of the International Institute of Welding (IIW) (Fricke 2012; Hob-

bacher 2016; Niemi et al. 2018); yet, probably the most commonly frequently fatigue

assessment method of all is the nominal stress concept. The global and local fatigue as-

sessment methods that are considered in this thesis are presented in Figure 6.

Local Methods

Micro-Structural Support Effect Hypothesis

Structural Hot-Spot Stress,
Stress Linearization,

Xiao & Yamada 1 mm Stress
Effective Notch Stress Stress Averaging

Averaged Strain
Energy Density

Notch Stress Intensity

Structural Stress

Nominal Stress

Global Stress

Global Method

Rc

FAT90

FAT80

Linear Elastic 
Fracture Mechanics

Fracture Mechanics

ΔK
ρref

σstruc

0.4t t

Semi-Local Methods

Figure 6. Fatigue assessment methods considered in this study, including their underlying fatigue
assessment theory, distinguished by their consideration of local notch effects

In Section 2.3, an introduction to state-of-the-art stress-based fatigue assessmentmeth-

ods for welded joints is given, which is an extension of the review presented in Braun et al.

(2020d), and in Sections 2.4 and 2.5 the stress averaging and the strain energy density

(SED) methods are introduced, which are later extended to cover sub-zero temperature

effects within fatigue assessment. The introduction of these two methods is extended
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from initial thoughts presented in Braun et al. (2020a,e, 2021b). Variations of those two

methods have been successfully applied to high temperature fatigue of notched compo-

nents (Berto et al. 2013, 2014; Gallo et al. 2015; Louks and Susmel 2015; Bourbita and

Remy 2016; Gallo and Berto 2016) and are thus considered to be suitable for sub-zero

temperature fatigue of welded joints.

All methods applied in this thesis have to be understood as fatigue crack initiation

methods. Thus, fracture of small-scale fatigue test specimens corresponds to crack initia-

tion in a full-scale structures. Once a crack has developed in a full-scale structure, fracture

mechanics method—such as linear elastic fracture mechanics—are best suited to assess

the remaining fatigue life or complex structures, see (Barsoum and Barsoum 2009; Baum-

gartner and Waterkotte 2015; Fischer and Fricke 2016). Fracture mechanics methods are

not applied in the context of this thesis, but are, however, closely related to all fatigue as-

sessment methods since in small-scale test specimens a considerable part of the lifetime

is also defined by crack propagation, see Maddox (2002).

2.3
∣∣ Background on state-of-the-art stress-based fatigue assessment

methods for welded joints

There are several methods which are applicable to fatigue assessment of welded joints.

They are usually grouped into global methods (nominal stress) and local methods (e.g.

structural or notch stress). Nominal stresses are based on cross-sectional quantities (i.e.

membrane stress and shell bending) that are calculated using beam theory (Hobbacher

2016). As a result, any local stress-raising effects due to structural details or welds are

neglected in stress assessment, but are indirectly considered in the fatigue classes (FAT

class). Different types of weld details are thus associated with a particular detail class which

defines its nominal stress fatigue strength. The limitations of this are cases where nominal

stresses cannot be derived, e.g. for complex structures or dimensional variations (Niemi

et al. 2018). Effects related to the structural geometry, but also due to plate misalign-

ment, can be assessed using structural stress methods. This group of methods, however,

neglects the local stress increase due to the weld. They can thus be considered as semi-

local methods. The local stress increase in the vicinity of a weld is considered in notch

stress or other local methods that are not based on fatigue-effective stresses (e.g. strain
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or strain energy density).

2.3.1
∣∣ Structural stress methods

Different structural stress approaches have been suggested over the years, which can be

grouped into three different approaches for taking the structure-related stress concentra-

tion into account (Fricke 2013a; Niemi et al. 2018). The three types of structural stress (σs)

approaches are based on:

• extrapolation of first principal surface stress towards the local weld notch in the area

of almost linear stress increase (Figure 7 (a)),

• linearization of membrane (σm) and bending (σb) stress either through the plate

thickness or in a section through the fillet weld (Figure 7 (b)),

• extraction of the stress component in a single point in the vicinity of the notch, but

outside the area of non-linear stress increase, e.g. 1 mm according to Xiao and Ya-

mada (2004a,b) (Figure 7 (c)), or 2 mm according to the first structural stress method

by Haibach (1968) (Figure 7 (d)).

Further information on the background of the different structural stress methods is

given in Braun et al. (2020d). Compared to the nominal stress approach, more complex

structures can be assessed by structural stress methods, where a definition of nominal

stress is not possible; nonetheless, local stress effects cannot be assessed by these meth-

ods and thus have to be covered in fatigue design curves. As a consequence, different

design curves are applied for weld toe and root assessment. Such effects can, for example,

be covered by notch stress approaches, like the effective notch stress concept according

to Radaj (1990).

2.3.2
∣∣ Effective notch stress approach

In the effective notch stress concept weld toes and roots are rounded with a fictitiously

enlarged reference radius ρref = 1 mm, see Figure 8. The background of this method

is the worst-case assumption of vanishing real notch radii (ρreal → 0 mm) (Baumgartner



2
∣∣ State of the art 20

(a) Structural stress extrapolation

0.2
5a a

0.2
5a

C
D

σs

σ1

0.4t
1t

A B

σs
σ1

A
A

B
B

(b) Structural stress linearization

σm,w

σb,w

σx(y)
y

σx(y)

σm

σs = σm + σb

τw

τ

σb{{
(d) 1 mm stress after Xiao & Yamada

r =
 1 

mm

1 
m

m

(c) Haibach‘s approach

2 mm

σs
σ1

σs,w = σm,w + σb,w

Figure 7. Different structural stress based approaches for fatigue assessment illustrated by a single-
sided fillet weld, adopted from Braun et al. (2020d)

2017). Applying the von Mises stress hypothesis, an enlargement of the real notch radius

ρreal to a reference radius ρref = 1 mm was introduced as follows:

ρref = ρreal + sρ∗ (1)

with a stress multiaxiality factor s = 2.5, and a micro-structural support length of ρ∗ =

0.4 mm. The factors s and ρ∗ were derived assuming plane strain condition and a cast

iron-like microstructure in the weld and the fusion line (Baumgartner 2017) with 0.2% offset

yield strength of σY0.2 ∼ 300MPa (Lazzarin et al. 2004), see Figure 9. In theory, the support

factor s = 2.5 depends on the notch opening angle for very small notch radii (Radaj et

al. 2013); nevertheless, this value, in connection with the micro-structural support length

ρ∗ = 0.4 mm, has proven to be realistic for cracks initiating at weld toes and roots, see
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(Radaj 1990; Lazzarin et al. 2004; Radaj et al. 2013; Baumgartner 2017).

ρ ref
 = 1 

mm
ρ ref

 = 1 
mm

Figure 8. Replacement of the weld toe and root with a reference radius for the effective notch-stress
approaches illustrated by a single-sided fillet weld, adopted from Braun et al. (2020d)

The effective notch stress approach has been successfully applied for various tasks

including steel, aluminium, and magnesium welded joints, but is most frequently applied

for fatigue assessment of joints failing from weld roots, see Fricke (2013a). For thin welded

plates (thickness t < 5mm), smaller reference radii (i.e. 0.05mmand 0.3mm) in connection

with corresponding fatigue design curves have been proposed, see (Zhang and Richter

2000; Eibl et al. 2003; Kranz and Sonsino 2010; Sonsino et al. 2013). Alternatively, the

centre of the reference radius may be moved to maintain the correct cross-sectional area;

however, this is only applicable for plate thicknesses large enough to enclose the reference

radius, see (Fricke 2012, 2013b).

2.4
∣∣ Notch stress fatigue assessment based on stress averaging

approach and relation to the micro-structural support effect

hypothesis

According to Figure 9, the micro-structural support length ρ∗ should decrease for higher-

strength materials. If the yield strength of the material changes with temperature, a

change of support effect and micro-structural support length ρ∗ is expected. Hence,

changes of support effect with temperature would yield a necessity for different refer-

ence radii for varying temperatures, which makes this kind of assessment impracticable.



2
∣∣ State of the art 22

0 200 400 600

0.1

0.2

0.3

0.4

0.5

0.2% offset yield strengthσY0.2 [N/mm²]

.

M
ic

ro
-s

tru
ct

ur
al

 s
up

po
rt 

le
ng

th
 ρ
* 

[m
m

] 

R = -1
Cast steel

Austenitic steels

AlCuMg-alloys

Ferritic steels

Figure 9. Micro-structural support length of different materials according to Neuber (1968),
adopted from Braun et al. (2021b)

The replacement of the weld radii with the fictitious radii of 1 mm is furthermore not rec-

ommended for weld details having small stress concentration (Kt < 1.6) and may lead to

non-conservative assessment for mild notches with real radii rreal > 1 mm, see (Pedersen

et al. 2010; Fricke 2012; Rother and Fricke 2016; Collmann and Schaumann 2018). An ap-

plication of real radii would be conceivable for this application, but seems impracticable

due to the large range of possible notch radii.

Alternatively, the notch stress concept based on Neuber’s stress averaging (Neuber

1958), or critical distance according to Peterson (1959) or Taylor (2007) can be applied,

where an effective stress is determined at a certain depth along the expected crack path or

the notch bisector. A third possibility suggested by Taylor (2007) or earlier by Kuguel (1961)

is the determination of an effective stress by averaging the stress in an area or volume

around a stress raiser. Taylor (2007) was not the first to suggest any of the aforementioned

approaches; however, he harmonized the three approaches with his Theory of Critical

Distances (TCD).

The basis of all three TCD methods is the determination of an effective stress σeff,

which takes into account the notch geometry as well as the support effect of the sur-

rounding material. In theory, all three approaches are assumed to yield similar results with

an error interval of± 20% in the high-cycle fatigue regime of notched components (Susmel

and Taylor 2007; Louks and Susmel 2015); however, even higher differences in prediction

accuracy between different types of TCD approaches have been reported in the literature
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(Susmel and Taylor 2007; Härkegård and Halleraker 2010; Silva et al. 2012; Baumgartner

et al. 2015; Louks and Susmel 2015; Yin et al. 2015; Santus et al. 2018; Vedernikova et al.

2019).

In this study, the stress averaging approach is applied in the original sense of Neuber

(1958) and based on recent applications of this method (Zhang et al. 2012; Baumgartner et

al. 2013, 2015; Schmidt et al. 2015; Karakaş 2017; Marulo et al. 2017; Karakaş et al. 2018;

Baumgartner et al. 2019, 2020a,b). Comparing the accuracy of different TCD methods

with the later introduced SED method, Hu et al. (2019) found this version of TCD method

to be the most accurate for notched components. For this approach, the averaged stress

σ is calculated by averaging the maximum principal stress gradient σ1 (x) perpendicular

to the surface over the length ρ∗ with:

σeff = σ =
1

ρ∗

∫ρ∗

0

σ1 (x)dx (2)

For any given real notch radii ρreal, it can be shown that the stress averaged over ρ
∗ in

Figure 10(a) equals the maximum elastic peak stress obtained by the effective notch stress

method for a fictitiously enlarged notch with a reference radius ρref in Figure 10(b).

Real notch Fictious
notch

0 0

σ σ

σ = σσmax

2α 2α

ρ*

ρ

ρf = ρreal+ sρ*

(a) (b)

Figure 10. Relation between the stress averaging and the effective notch stress approach based on
Radaj et al. (2013)

For the application of TCD methods like the stress averaging approach to welded

joints, two different methods for FE modelling were proposed by Baumgartner et al.

(2015), i.e. modelling weld toes with the actual notch radii ρreal or with a reference radius

ρref. Examples in which the actual weld geometry was applied for TCD or similar methods

are (Liinalampi et al. 2016; Baumgartner et al. 2019; Niederwanger et al. 2020). The ma-

jority of studies, however, applied a reference radius ρref = 0.05 mm (Zhang et al. 2012;
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Baumgartner et al. 2013, 2015; Schmidt et al. 2015; Karakaş 2017; Marulo et al. 2017;

Baumgartner et al. 2018; Karakaş et al. 2018; Baumgartner et al. 2020a). No information

is available on how this reference radius was derived, but it is assumed that the idea is

related to the notch stress approach for thin welded joints, which also applies a reference

radius of ρref = 0.05 mm, see (Zhang and Richter 2000; Eibl 2003; Eibl et al. 2003; Kranz

and Sonsino 2010). For the application of the reference radius, a fatigue design curve

FAT160 was recommended by Baumgartner et al. (2015) for weld toe and root assess-

ment. This curve is only two reference curves higher than the recommended IIW curve for

flush-ground butt joints excluding misalignment effects (FAT130 (Hobbacher 2016)) and is

thus thought to be applicable for the case of vanishing notch effect (Baumgartner 2017).

Four different possibilities for applying the stress averaging approach to welded joints

are found in the literature (see (Zhang et al. 2012; Baumgartner et al. 2013; Marulo et al.

2017; Baumgartner et al. 2019)), which are:

1. An effective stress is calculated for every possible path along a radius and the maxi-

mum effective stress is used, or by

2. Averaging from the point of maximum principal stress, or by

3. Averaging from the weld toe perpendicular to the direction of loading, or

4. Along the notch bisector.

According to Marulo et al. (2017), the first might be more accurate, but is computa-

tionally more demanding. This is why, the second is typically applied—as in this study, for

reasons of comparability.

At sharp notches such as weld toes and roots, the crack initiation phase is rather short

compared to the propagation phase (Maddox 2002). Since crack propagation is domi-

nated by mode I loading (tension crack opening)—which is directly linked to the direction

of first principal stress (Richard and Sander 2012)—the averaging path coincides with the

crack propagation direction.

In order to perform fatigue assessment of welds or notched components based on

effective stresses, values of micro-structural support length can either be taken from Figure

9 or standards such as the German (FKM-Richtlinie). Alternatively, if a TCD method is
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applied to a new problem for which no data is readily available, the inverse problem can

be solved and ρ∗, for example, is estimated from fatigue test data of various notch shapes

(cf. Baumgartner et al. (2015) and Santus et al. (2018)). In that respect, the value ρ∗ at

which a minimum of the scatter ratio 1/TS of the experimental data occurs is assumed to

be representative for the micro-structural support effect of the material. The scatter ratio

1/TS is calculated with

1 / TS =
∆σR,10%

∆σR,90%
(3)

, where ∆σR,10% and ∆σR,90% are the fatigue strength at 2 million cycles for a probability

of survival Ps of 10% and 90%.

In the literature, scatter ratios of 1/Ts = 1.77 (Baumgartner et al. 2015) and 1/Ts = 2.2

(Marulo et al. 2017) are reported for the stress averaging approach. For the effective notch

stress with radius ρref = 1 mm and SED method a scatter ratio of 1/Ts = 1.5 is stated

in (Fischer et al. 2016c); however, a much larger variety and number of specimens were

analysed in Marulo et al. (2017) than was used as the basis for the effective notch stress

method. Comparing the results for the same dataset assessed by the stress averaging

approach and the notch stress method with radius ρref = 0.05 mm, a lower scatter was

obtained for the first method in (Marulo et al. 2017) with 1/Ts = 2.2 and 1/Ts = 3.1,

respectively.

As mentioned earlier, the micro-structural support length of ρ∗ = 0.4 mm for welds

is based on the assumption that the microstructure of welds resembles cast iron with a

yield strength of approximately 300 MPa (Lazzarin et al. 2004); nevertheless, for welds

with sharp notches ρ∗ = 0.4 has been confirmed for a variety of steel strength grades

(Baumgartner et al. 2015; Schmidt et al. 2015). It is thus reasonable to assume that the

micro-structural support length ρ∗ depends not only on the static strength of the material,

but also on the notch acuity. Baumgartner et al. (2019), for example, showed a clear

material strength dependence for post-weld treated joints with smooth weld transitions

described by large weld toe radii.

Interestingly, for welded high-strength thin-walled specimens a similarmaterial strength

dependence was observed byMarulo et al. (2017). They observed a lower fatigue strength

for higher-strength steels compared to mild steel grades if assessed by the same micro-
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structural support length ρ∗, which agrees well with Neuber’s theory (see Figure 9).

It is generally assumed that the fatigue strength of welded joints is independent of

material strength in as-welded state (Maddox 2002). Thus, in order to yield equal fatigue

strength based on effective stresses, the higher-strength steels require a shortened intrin-

sic micro-structural support length ρ∗. The assumption that the micro-structural support

length of ρ∗ of non-welded samples should decrease for higher-strength materials is gen-

erally agreed upon in the literature, see Radaj and Vormwald (2007).

It is well known, that static strength—typically quantified by yield strength σYS and ul-

timate tensile strength σUTS—increases at low temperatures, see (Ehlers and Østby 2012;

Paik et al. 2017). As a result, from the relation between material strength and micro-

structural support length ρ∗ presented in Figure 9, a decrease of ρ∗ is assumed for sub-zero

temperatures.

Based on fracture mechanics, Tanaka (1983) showed that the micro-structural support

length ρ∗ is linked to the transition point between short and long crack growth defined

by the fatigue limit of plain specimens ∆σ0 and the fatigue crack growth threshold ∆Kth,

given by

ρ∗ ≈ 2

π

(
∆Kth

∆σ0

)2

(4)

Consequently, if the fatigue limit of plain specimens ∆σ0 and the fatigue crack growth

threshold ∆Kth at sub-zero temperatures are known it is possible to estimate the micro-

structural support effect defined by the micro-structural support length ρ∗ or vice versa.

Neuber’s hypothesis (Neuber 1958)—that it is not the theoretical peak stress obtained

at sharp notches that governs fatigue life, but rather the stress field in the close vicinity of

notches—has led to the development of various stress-based fatigue assessment methods

but also methods based on other fatigue-driving parameters. Another method that takes

the support effect of thematerial directly into account is the averaged strain energy density

method (or just the strain energy density method).
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2.5
∣∣ Averaged strain energy density method

2.5.1
∣∣ Development of the averaged strain energy density method

The size of the fatigue-effective zone surrounding a notch is thought to be about two to five

times the grain size and thus ranges from 0.03 mm to 0.50 mm (Berto and Lazzarin 2009).

The idea behind this assumption is that this zone defines the border between continuum

and micro-mechanics. Due to this, the fatigue-effective zone provides a measure for the

area where continuum mechanics analytical solutions are flawed by inhomogeneities such

as micro-cracks, dislocations, and grain boundaries (Berto and Lazzarin 2009).

The strain energy density method was initially introduced in order to assess fracture

of cracked components. Assuming a pointed notch or crack tip, this leads to a stress

singularity. Consequently, in order to solve the problem of stress singularity, the stress

intensity factor (SIF) was proposed by Griffith (1921); however, due to the sharpness of

notch radius it is incapable of predicting the crack growth direction accurately. As a result,

among many other methods, the strain energy density factor S was introduced by Sih

(1974) to solve mixed-mode fracture problems. Fractures were expected to happen if the

strain energy density factor S (product of the strain energy density by a critical distance

from the point of singularity) reached a critical value Sc. Two years later, Gillemot (1976)

introduced the critical absorbed energy up to fracture per unit volume Wc as a fracture

criterion for tensile tests of notched components and brittle fracture sensitivity. Later, the

strain energy densitymethodwas extended to fatigue of notched and plain specimens, see

Glinka (1985); nevertheless, the strain energy density is also infinite at crack and pointed

notch tips.

The breakthrough of the strain energy density method is, however, linked to the de-

velopment of another concept. In the early 1990s, Nui et al. (1994) introduced the notch

stress intensity factor (N-SIF) concept for the assessment of brittle fractures, which was

based on William’s equations for singular stress fields (Williams 1956). It was later ex-

tended to fatigue crack initiation assessment (Boukharouba et al. 1995; Verreman and Nie

1996), similar to the strain energy density method. Compared to the strain energy den-

sity method, the N-SIF is asymptotic at crack and notch tips up to a certain radius and

opening angle size, see Atzori et al. (2002) and Lazzarin et al. (2009). Moreover, the N-SIF
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coincides with the linear elastic fracture mechanics stress intensity factor of a planar crack

(with depth equal to the slit half-length) for an opening angle 2α = 0◦ (Lazzarin and Tovo

1998; Fischer et al. 2016c).

Similar to the effective stress methods based on the TCD, the N-SIF method is capable

of accounting for scale-effects, see Lazzarin and Tovo (1998) and Atzori et al. (2002)); yet,

limitations arise from its requirement for extremely refined FE meshes and inability to take

support effects into account. Hence, Lazzarin and Zambardi (2001) suggested using the

averaged strain energy densityW for fatigue and fracture failure assessment. They showed

thatW is finite at a volume surrounding cracks and notches and they linkedW to the mode

I and II N-SIFs.

Instead of analysing the asymptotic stress behaviour in the close proximity of the notch

tip to calculate N-SIFs, the strain energy density is averaged in a small volume around the

notch tip defined by the control radius RC. The (averaged) SED method1 has since then

been applied to a variety of fatigue and fracture problems, such as fatigue and fracture

strength of notched components at high temperatures (Berto et al. 2013, 2014; Gallo et al.

2015; Bourbita and Remy 2016; Gallo and Berto 2016).

The main advantages of the SED method are the underlying physical relation to the

material fracture behaviour via the micro-structural support effect hypothesis and to the

N-SIF, as well as the flexibility in FE meshing, see (Lazzarin et al. 2010; Fischer et al. 2016a;

Foti et al. 2020; Foti et al. 2021). Contrary to the N-SIF method, the SED method is

incapable of predicting crack propagation directions; yet, coupling the SED method with

the maximum tangential stress criterion proposed by Erdogan and Sih (1963) solves this

problem. Nonetheless, the SED method has to be understood as a crack initiation failure

criterion while the N-SIF can be applied in the medium life regime, see (Lazzarin et al.

2008a, 2009; Fischer et al. 2016c).

In the following paragraphs the background of the SED method will be introduced as

well as its relation to the micro-structural support effect hypothesis. In Section 2.5.3 the

application of the SED method to welded joints is introduced and the link to linear elastic

fracture mechanics is presented.

1The abbreviation ’SED’ hereafter refers only to the averaged strain energy density method according to
Lazzarin and co-workers.
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2.5.2
∣∣ Introduction of the averaged strain energy density method and its

relation to the micro-structural support effect hypothesis

Under plain strain condition, the total elastic strain energy densityW averaged in the area

defined by the control radius RC is calculated by:

W =
e1

E

[
KN
1

R1−λ1

C

]2

+
e2

E

[
KN
2

R1−λ2

C

]2

(5)

where KN
1 and KN

2 are mode I and II N-SIFs, E is the Young’s modulus and e1, e2 are cor-

rection factors, which depend on the infinitesimal strain theory (plane stress/plain strain),

notch opening angle 2α, and Poisson’s ratio ν. The parameter λ1 and λ2 are the eigen-

values of the leading terms of Williams’ stress field solution for the mode I and II N-SIFs

(KN
1 and KN

2 ).
2 The three crack/notch modes used in fracture mechanics are presented

in Figure 11(a). Using polar coordinates, the mode I (tension notch/crack opening) and II

(in-plane shear crack opening) N-SIFs were defined by Lazzarin and Tovo (1996) as:

KN
1 =

√
2π lim

r→0+
r1−λ1σΘΘ (r,Θ = 0) (6)

KN
2 =

√
2π lim

r→0+
r1−λ2σrΘ (r,Θ = 0) (7)

where σrr, σrΘ, and σΘΘ are the stress components in polar coordinates (r, Θ) as for

Williams’ stress field solution around cracks (Williams 1956), see Figure 11(b).

The eigenvalues of theWilliams’ stress field solution for the N-SIFKN
1 andKN

2 for modes

I and II (λ1, λ2) are obtained from:

Mode I: sin (λ1) = −λ1 sin (γ) (8)

Mode II: sin (λ2) = λ2 sin (γ) (9)

where γ = 2π− 2α is the angle between the notch bisector and the notch flanks.

2To help distinguishing between crack and notch stress intensity factors, Roman numerals are used for SIFs
and Arabic for N-SIFs following Lazzarin’s notation.
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Figure 11. The three crack/notch modes in fracture mechanics (a) and stress components in the
vicinity of a through-thickness crack with crack length 2a in polar coordinates (b)

Finally, the control radius RC—for plane strain condition—can be determined using

Beltrami’s failure criterion from the following expression (Yosibash et al. 2004):

RC =
(1 + ν) (5− 8ν)

4π

(
∆Kth

∆σ0

)2

(10)

with∆Kth as the fatigue crack growth threshold for long cracks and∆σ0 as the fatigue limit

of smooth base material specimens. It is important to note that the control radius is thus

a material property, which is independent of the opening angle (Lazzarin and Zambardi

2001). For different types of notches (not only welds), different definitions of critical areas

have been proposed, which are presented in Figure 12.

R2 = Rc+ r0Rc Rc

2α
2α = 0 2α

Rc

r0

ρ

(a) sharp V-notch (c) blunt V-notch(b) crack-like

Figure 12. Definitions of the strain energy density method’s control area for sharp V-notches (a),
crack-like notches (b), and blunt V-Notches with real radius r0 (c) based on Berto and Lazzarin (2009),
adopted from Braun et al. (2020a)

After introducing the El Haddad-Smith-Topper parameter a
′
(El Haddad et al. 1979),

which can be used to predict the transition between short and long fatigue crack arrest,
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with:

a
′
=

1

π

(
∆Kth

∆σ0

)2

(11)

Eq. (10) becomes:

RC = 0.845a ′ (12)

under plane strain condition and if ν = 0.3. As a result, the control radius RC is directly

related to the transition behaviour of the material via the El Haddad-Smith-Topper param-

eter a
′
.

Recalling Eq. (4), a connection between Neuber’s micro-structural support length ρ∗

and the El Haddad-Smith-Topper parameter a
′
is unambiguous (ρ∗ = 2a ′). As a conse-

quence, Tanaka (1983) provided a closed-form solution for fatigue strength assessment of

deep (crack-like) notches under mode I and mode III (out-of-plane shear notch opening)

loading, which was later extended to notches with low notch sensitivity by Lazzarin et al.

(1997) and linked to the TCD method by Taylor (1999).

The control radius RC of the SED method is thus directly related to the micro-structural

support length ρ∗ through the relation to the El Haddad-Smith-Topper parameter a
′
. Fur-

thermore, it is also directly related to the material characteristic length L of the TCD

method based on Taylor and Hoey’s assumption (Taylor and Hoey 2009):

ρ∗ = 2L (13)

which yields:

a
′
= L (14)

This relation is thought to be limited to stress ratios R ≥ 0, since crack closure ef-

fects are not covered by the El Haddad-Smith-Topper parameter (Radaj and Vormwald

2007); nonetheless, for components loaded in tension, this relation allows derivation of

the control radius RC from either the El Haddad-Smith-Topper parameter a
′
or material

characteristic length L. Interestingly, Silva et al. (2012) showed that Eq. (11) and Eq. (14)

can successfully be applied to estimate the fatigue crack growth threshold∆Kth for notch

radii r < 1 mm and R = −1.
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Recent research results suggest that Eq. (13) is influenced by the notch geometry and is

not universal (Silva et al. 2012; Yin et al. 2015; Santus et al. 2018). The experimental results

by Silva et al. (2012), for example, clearly show a lower prediction accuracy for the stress

averaging approach and larger notch radii compared to components with sharp notches.

This will be of importance for the discussion of results obtained by means of the stress

averaging approach for sub-zero temperatures. Furthermore, Radaj and Vormwald (2007)

argues that the relation between the material characteristic length L and the El Haddad-

Smith-Topper parameter a
′
(Eq. (14)) can be assumed to be correct as El Haddad et al.

(1979) incorporated Peterson’s theory of critical distance (Peterson 1959) in their theory

and both methods are experimentally validated. In recent years, efforts were made by

several authors to prove the equality of the different TCD methods for various relevant

fatigue loading cases including torsional and multiaxial fatigue (Susmel 2008; Susmel and

Taylor 2013), and under extreme loading conditions such as high temperatures (Louks and

Susmel 2015).

Interestingly, a recently published paper by Benedetti and Santus (2020) observed that

the normalized coefficient of variation during estimation of L increases with decreasing

notch acuity, i.e. increasing notch radius and opening angle. This could explain the in-

creasing difference between various TCD methods and the differences in prediction ac-

curacy obtained by various authors as L is simply more difficult to obtain for larger notch

radii. The fact that fatigue datasets are often too small to accurately predict the mean fa-

tigue strength (Martin et al. 2011) and the increasing scatter with decreasing notch acuity

(Haibach 2006) supports this hypothesis.

Next, an introduction on the application of the SED method for welded joints is given

and its relation to linear elastic fracture mechanics is discussed. This relation will later

be used to extend the SED method by incorporating temperature-related changes of the

micro-structural support effect in Section 6.4.3.

2.5.3
∣∣ Application of the averaged strain energy density method to welded

joints

One problem in fatigue assessmentmethods is the arbitrariness of modelling welded joints

due to varying weld shape and the related difficulty in defining representative weld shapes
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(Lazzarin et al. 2008a). There are basically two options to generalize weld shapes in state-

of-the-art fatigue methods. The first is the rounding of the weld shape with a reference

radius, as presented for the effective notch stress method and the stress averaging ap-

proach. The alternative is to treat weld toes and roots as pointed notches without a radius.

Assuming V-type notches at weld toe and root radii, Lazzarin and Tovo (1998) showed

that N-SIFs can be used as fatigue parameters for the life prediction of cyclically loaded

welded joints and derived a N-SIF design curve for welded joints. Although themode I and

II N-SIFs only quantify the magnitude of asymptotic stress distribution based on Williams’

stress field solution (Williams 1956), they can be applied for fatigue assessment of sharp

corner notches. The reason for this is that a large amount of the crack propagation life of

sharply notched components is related to short fatigue crack growth in the zone governed

by the V-notch singularity (Lazzarin et al. 2008a). Since the SED method is directly derived

from the N-SIF concept, the same assumptions apply to the SED method and so weld

toes and weld roots are modelled as V-type notches. Thereafter, the elastic strain energy

density W is averaged in the volume (area for two dimensional models) around the weld

toe and root—defined by the control radius RC, see Figure 13.

Weld toe

Weld
 root

Rc

Rc

t

2α

2α

h

h

notch 
bisector 

r
θ σθθ

σrr

σrθ

t

γ

M

F

Figure 13. Definitions of the strain energy density method based on Lazzarin et al. (2008b), taken
from Braun et al. (2020a)

Assuming a constant flank angle for fillet-welded joints with an opening angle of ap-

proximately 2α = 135◦, the mode II contribution becomes non-singular (1 − λ2 = −0.302)

and thus only mode I N-SIF KN
1 is required to describe the fatigue strength of welded joints
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(Livieri and Lazzarin 2005). Hence, under cyclic loading Eq. (5) becomes:

∆W =
e1

E

[
∆KN

1

R1−λ1

C

]2

(15)

with the control radius being determined by:

RC =

(√
2e1∆KN

1

∆σ0

) 1
1−λ1

(16)

where ∆KN
1 is the mode I N-SIF mean reference fatigue strength for fillet-welded joints

(i.e. 135° opening angle) and ∆σ0 is the mean reference fatigue strength of butt welds

without notch (flush-ground) for welded joints. Both quantities were derived for R = 0 and

cycles to failureNf = 5×106 in the aforementioned study by Lazzarin and Tovo (1998). As-

sessing fatigue test results from 12 different test series with thicknesses ranging from 13 to

100 mm, they obtained a mode I fatigue strength of ∆KN
1 = 211MPa mm0.326. Combined

with fatigue test results on flush-ground butt-welded joints by Atzori and Dattoma (1983)

and Taylor et al. (2002) (∆σ0 = 155 MPa), a control radius RC = 0.28 mm was derived for

welded joints, see Livieri and Lazzarin (2005). Based on the so obtained control radius RC

and the data by Lazzarin and Tovo (1998) to derive the N-SIF design scatter band, plus

some new fatigue test results, the SED range-life (∆W – N) design scatter band was de-

rived, see (Lazzarin et al. 2003, 2008a,b) and Figure 14. The underlying idea is that one

scatter band represents the fatigue strength of welded joints and all effects that are in-

fluencing the local stress state are covered by determining the averaged SED within the

control area. This idea follows Haibach’s (1968) work on uniform or normalized scatter

bands that are independent of notch or weld detail classes and stress ratio (Radaj et al.

2006).

The underlying assumption of a large opening angle for Eq. (16) is violated for weld

roots (2α ≈ 0◦); yet, the contribution of mode II is much smaller than the contribution of

mode I. Thus, reduced values of∆KN
1 were reported by Livieri and Lazzarin (2005) for weld

root failure, i.e. ∆KN
1 = 180 MPa mm0.5. Assuming a crack-like notch shape at weld roots

(2α = 0◦, λ1 = 0.5, and e1 = 0.133) and the weld root behaves like a crack (∆KN
1 = ∆Kth),

Eq. (16) becomes:

RC =
0.85

π

(
∆Kth

∆σ0

)2

= 0.85a ′ (17)
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Figure 14. Scatter band of the strain energy density method for a control radius RC = 0.28 mm
(R0 in the figure) derived from tests of different structural details over a wide range of nominal load

ratios R̃, taken from Berto and Lazzarin (2009) (reproduced with permission from Elsevier)

and similar to notched components, a link to the El Haddad-Smith-Topper parameter a
′

is obtained. For V-shaped notches at weld toes the relation between both quantities can

be derived based on linear elastic fracture mechanics. This will be presented in Section

2.5.4. Before this, however, a small note on recommended control radii is given below.

To derive RC, fatigue test data of 20 test series on fillet-welded joints was evaluated to

obtain∆KN
1 and fatigue test data of flush-ground butt joints by Atzori and Dattoma (1983)

was used for ∆σ0. A recent review of the SED method by Fischer et al. (2016b,c) revealed

that the assumed fatigue limit∆σ0 of flush-ground butt welds of 155 MPa (slope exponent

k = 3.75) is on the lower end of data found in the literature; yet, this value agrees with

recommendations by the IIW (Hobbacher 2016) and Eurocode 3 (EN 1993–1–9:2005), and

data by Taylor et al. (2002). While the scatter of the test series on fillet-welded joints in

terms of mode I N-SIF (Lazzarin and Zambardi 2001) is rather small (coefficient of variation

CV = SD/mean of 8.8% ), the scatter of ∆σ0 amounts to CV = 24.7%, see Table 1. The

majority of data in the literature is found for a number of cycles to failure of 2 × 106. To

avoid an extrapolation that does not match the reported slope exponents k, the scatter is

evaluated here for this number of cycles instead of 5× 106 cycles.
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Table 1. Data on fatigue strength of smooth (flush-ground) butt-welded joints ∆σ0 found in the
literature, extended from a summary presented by Fischer et al. (2016c)

Reference Fatigue strength
∆σ0 atNf = 2×106

(R = 0, Ps = 50%)
in MPa

Slope
k

Comments

Atzori and Dattoma (1983) 210 3.75 Obtained by Fischer et al.
(2016c) assuming a slope k =
3.75

IIW fatigue design recommenda-
tions (Hobbacher 2016) and Eu-
rocode 3 (EN 1993–1–9:2005)

153 3 ∆σ50% = ∆σ97.5% × 1.366
for FAT112 according to Fricke
(2012)

HSE Research Report 090 on
flush-ground girth welds (Zhang
et al. 2003)

≈ 200 ≈ 3 Estimated based on the regres-
sion line presented in Figure 4

Olivier and Ritter (1979) 192 3.75 Data statistically reassessed by
Fischer et al. (2016c) assuming
a slope k = 3.75

Reemsnyder (1969) 310 3.75 Data statistically reassessed by
Fischer et al. (2016c) assuming
a slope k = 3.75

Taylor et al. (2002) 207 3 Obtained from reported in-
verse slope (-0.33)

Mean 212
Standard deviation (SD) 52.3
Coefficient of variation (CV) 24.7%

When Fischer et al. (2016b,c) reassessed the original data, they derived different radii

for weld toe and weld root assessment than the initially proposed radius RC = 0.28 mm.

The reason for the difference is related to misalignment effects that were not considered

while deriving the N-SIF scatter band for weld toe failure. Assuming an additional stress

magnification of 5% typically included in S–N curves, a difference of about 10% was pro-

posed for the weld toe failures N-SIF scatter band. Hence, control radii of RC = 0.32 mm

and RC = 0.325 mm for weld toe and weld root were derived, respectively; however, the

scatter band of the SED method (Figure 14) was unchanged.

2.5.4
∣∣ Relation of the averaged strain energy density method to linear

elastic fracture mechanics

As mentioned earlier, it can be shown that the mode I N-SIF coincides with the linear

elastic fracture mechanics SIF of a planar crack with depth equal to the slit half-length for

an opening angle 2α = 0◦. Consequently, besides the relation of the N-SIF and the SED
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approach to the micro-structural support effect hypothesis, a direct link to linear elastic

fracture mechanics exists.

In addition to the equality of the mode I N-SIF and the SIF for 2α = 0◦, Atzori et al.

(2008) presented a more general relation between both methods, which is summarized

below and extended to present the relation of the SED method and linear elastic fracture

mechanics. Furthermore, this relation forms the basis for the verification of the extension

of the SED method to sub-zero temperatures.

Starting from Eq. (6) and Eq. (7), Williams’ stress field equations can be reformulated in

terms of mode I and II N-SIFs. In polar coordinates, the mode I stress distribution becomes

(Lazzarin and Tovo 1996):


σΘΘ

σrr

σrΘ

 =
1√
2π

rλ1−1KN
1

(1 + λ1) + χ1 (1− λ1)

×



(1 + λ1) cos (1− λ1)Θ

(3− λ1) cos (1− λ1)Θ

(1− λ1) sin (1− λ1)Θ

+ χ1 (1− λ1)


cos (1 + λ1)Θ

− cos (1 + λ1)Θ

sin (1 + λ1)Θ




(18)

where χ1 is the auxiliary parameter for mode I, which depends on the notch opening angle

2α.

χi = −
sin [(1− λi)γπ/2]

sin [(1 + λi)γπ/2]
, with γ = 2π− 2α (19)

Similarly, the stress field for mode II can be written as:


σΘΘ

σrr

σrΘ

 =
1√
2π

rλ2−1KN
2

(1− λ2) + χ2 (1 + λ2)

×



− (1 + λ2) sin (1− λ2)Θ

− (3− λ2) sin (1− λ2)Θ

(1− λ2) cos (1− λ2)Θ

+ χ2 (1 + λ2)


− sin (1 + λ2)Θ

sin (1 + λ2)Θ

cos (1 + λ2)Θ




(20)

According to Atzori et al. (2008), the stress intensity factor for mode I (KI) can be ex-

pressed in a closed-form solution bymeans of Albrecht-Yamada’s (1977) simplifiedmethod,
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assuming a through-thickness crack and crack growth along the Θ-direction (i.e. perpen-

dicular to the maximum tangential stress σΘΘ):

KI = Y
√
πa

2

π

∫a
0

σΘΘ√
a2 − r2

dr = Y
√
πa

[
σΘΘ |r=a −

2

π

∫a
0

arcsin
( r

a

) dσΘΘ

dr
dr

]
(21)

with Y as crack geometry factor (1.122 for a through (or edge) crack in a semi-infinite

plate). Under the premise of crack growth along the notch bisector of a fillet-welded

joint (2α = 135◦, Θ = 22.5◦), the tangential stress component σΘΘ can be expressed as a

function of mode I and II N-SIF as follows:

σΘΘ = 0.361r−0.326KN
1 + 0.322r0.302KN

2 (22)

This assumption is generally valid in the early stage of fatigue crack growth. Once the

crack leaves the close proximity of the weld toe notch, it tends to grow perpendicular to

the plate surface (Atzori et al. 2008). Finally, by inserting Eq. (22) in Eq. (21) one obtains

the relation between the stress intensity factor for mode I (KI) and the mode I and II N-SIFs

for fillet-welded joints—with V-shaped notch and 2α = 135◦:

KI (Θ = 22.5◦) = Y
√
πa

(
0.479a−0.326KN

1 + 0.269a0.302KN
2

)
(23)

As the mode II N-SIF KN
2 is non-singular for this opening angle, it does not contribute

to the stress field close to the notch tip (below r/t < 0.1 (Lazzarin and Tovo 1998)). This

fact is of particular importance for non-propagating cracks (i.e. at the fatigue crack growth

threshold ∆Kth). Since the crack does not leave the asymptotic stress field at the notch

tip,3 it is purely governed by the mode I contribution. Hence, Eq. (23) becomes:

KI (Θ = 22.5◦) = Y
√
πa

(
0.479a−0.326KN

1

)
(24)

which clearly shows the linear relation between the stress intensity factor for mode I (KI)

and the mode I N-SIF KN
1 .

Assuming that the SIF value necessary to nucleate a crack at a weld toe or root is equal

to the threshold∆Kth of the fatigue crack growth rate at 5×106 cycles (Atzori et al. 2008),

3Experimental studies showed that cracks initiated at notches may typically be arrested within a region of
depth corresponding to one to two times the material characteristic length parameter L (Silva et al. 2012)
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the N-SIF threshold value ∆KN
1,th is linearly related to ∆Kth. This fact will later be used

to relate the change of fatigue crack growth threshold data obtained from the literature

(Figure 5) to the proposed extension of the SED method for sub-zero temperatures.

Obviously, such closed-form solutions as Albrecht-Yamada’s (1977) simplified method

are only valid for a small crack growth increment and require assumptions for initial crack

length ai; nevertheless, as the study by Atzori et al. (2008) has shown, they are well suited

to predict the fatigue strength of fillet-welded joints. Furthermore, the assumption of a

through-thickness crack is generally only applicable once the crack has reached a signifi-

cant size; however, as can be seen from Eq. (21) to Eq. (24), it does linearly influence the

relation between KN
1 and KI. Consequently, Atzori et al. (2008) proposed an engineering

approach to estimate the initial crack length ai at the fatigue limit by relating it to the El

Haddad-Smith-Topper parameter a
′
with:

ai =
a

′

Y2
(25)

This assumption seems valid, as it agrees with Härkegård’s (1981) extension of the

fatigue limit relation for short and long cracks according to El Haddad et al. (1979) for an

arbitrary crack geometry factor Y with crack length a:

∆σR =
∆Kth

Y
√
π (a+ a

′)
=

∆σ0√
1 + a/a ′

(26)

This relation is typically presented in form of the Kitagawa-Takahashi diagram (Kita-

gawa and Takahashi 1976), see Figure 15. They showed that the fatigue limit of a cracked

component ∆σR can be determined from the stress intensity factor threshold for long

cracks ∆Kth with effective crack length a + a
′
. The El Haddad-Smith-Topper parameter

a
′
, is thus sometimes referred to as an ‘intrinsic’ crack length (Wormsen et al. 2008).

For short cracks (a � a
′
), the fatigue limit asymptotically approaches the fatigue limit

of plain specimens ∆σ0. For physically long cracks (a � a
′
), the crack fatigue strength is

defined by the fatigue crack growth threshold of long cracks ∆Kth.

From the Kitagawa-Takahashi diagram (Kitagawa and Takahashi 1976) and Eq. (26), it

can be seen that the fatigue limit is closely related to the initial crack or defect size and

the El Haddad-Smith-Topper parameter a
′
. The SED method and in particular the control

radius RC are thus linked to the micro-structural support effect hypothesis through the El
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a‘ ≈ L

log ΔσR

log a

Δσ0

ΔσR = 
ΔKth

Y√πa
ΔσR = 

ΔKth

Y√π(a+a‘)

Short crack 
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Long crack 
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Figure 15. Kitagawa-Takahashi diagram presenting the relation between physically short and long
non-propagating cracks and the relation to the micro-structural support effect hypothesis via the El

Haddad-Smith-Topper parameter a
′

Haddad-Smith-Topper parameter a
′
(Eq. (13) and Eq. (14)) and to linear elastic fracture

mechanics through the N-SIF method. Furthermore, Atzori et al. (2008) definition of the

initial crack length ai at the fatigue limit (5 × 106 cycles) has to be understood as a crack

length in the order of magnitude of the El Haddad-Smith-Topper ‘intrinsic’ crack length

a
′
. It is thus large enough that linear elastic fracture mechanics can be applied and the

assumption of a crack-like notch at the V-shaped fillet weld is reasonable.

To account for the opening angle of sharp V-notches (2α > 0◦), which behave simi-

larly to crack-like notches, Atzori and co-workers presented a generalized version of the

Kitagawa-Takahashi diagram, see Atzori and Lazzarin (2001) and Atzori et al. (2003) and

Figure 16. This permits an estimation of the fatigue strength of components weakened by

cracks or notches using a single diagram which requires only the El Haddad-Smith-Topper

parameter a
′
.

Instead of the crack length a, an effective dimension (α
1/ξ
ξ a) was introduced, where

ξ is the degree of singularity of the Williams’ stress distributions4 (ξ = 1 − λ1) (Atzori

et al. 2005). For this goal, a non-dimensional shape coefficient α ′
ξ was proposed which

depends on the component geometry, loading type, and notch opening angle (Atzori et

al. 2005). Due to this, a characteristic length parameter of V-notched components aN ′
(the

transition point between short and long fatigue crack growth of V-notched components)

4Originally, Atzori et al. (2008) used γ to define the degree of singularity, which is replaced by ξ to avoid
confusion with the notch bisector angle.
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can be derived for varying V-notch opening angles, which is related to the El Haddad-

Smith-Topper ‘intrinsic’ crack length a
′
through the shape coefficient α ′

ξ. The latter can

be derived through various methods, e.g. averaged strain energy density, linear elastic

fracture mechanics, or the point method (critical distance approach of the TCD methods),

see Atzori et al. (2005) for further information.

aN‘ = α‘ξ a‘ 

log ΔσR

Δσ0

ΔK = ΔKth
(2α = 0°) 

ΔKI
N = ΔKI,th

N

log αξ   a 1/ξ

2α

Figure 16. Generalized Kitagawa-Takahashi diagram for V-type notches based on Atzori et al. (2005)

If aN ′
is determined experimentally, it can be used to obtain the El Haddad-Smith-

Topper parameter a
′
and thereby a measure of the micro-structural support effect around

notches (e.g. at weld toe and root notches). The relation between a
′
and aN ′

(presented

in Figure 16) was introduced in order to keep the El Haddad-Smith-Topper parameter a
′

a material constant; yet, it is restricted to constant plain specimen fatigue strength ∆σ0.

aN ′
= α ′

ξa
′ (27)

If the plain specimen fatigue strength ∆σ0 and the fatigue crack growth threshold of

long cracks ∆Kth change (assumed for sub-zero temperatures), a
N ′

may be derived simi-

larly to a
′
from:

aN ′
=

(
∆KN

th√
π∆σ0

) 1
ξ

(28)

where ∆KN
1,th is treated as a material parameter (i.e. V-notch threshold N-SIF) that can be

related to the SIF threshold for long cracks∆Kth by matching the experimental conditions
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of plain and cracked specimens for various local methods with:

∆KN
1,th = β ·∆σ1−2ξ

0 ·∆K2ξ
th (29)

The geometrical correction factor β depends on the notch opening angle and the cho-

sen local method, see Atzori et al. (2005). Finally, the non-dimensional shape coefficient

α ′
ξ is related to β in the following form:

α ′
ξ = β1/ξπ

(
1− 1

2ξ

)
(30)

This relation will later be applied to estimate the change of micro-structural support

effect in welded connections at sub-zero temperatures.

Almost simultaneously to the proving of the link between the SED method and linear

elastic fracture mechanics by Atzori et al. (2008), Berto and Lazzarin (2007) presented a

relation of the SED concept to the J-integral method by Rice (1968) for elastic-plastic

fracture mechanics—thus extending the scope of the SED method to local and global

plasticity, which further emphasized its close relation to fracture mechanics. This approach

was recently extended to cyclic elastic-plastic fatigue assessment, see Benedetti et al.

(2020), which is, however, outside of the scope of this thesis as the SED method is applied

to welded joints with sharp notches tested in the high-cycle fatigue regime—where the

small-scale yielding condition is fulfilled.

The potential of applying the SED method for fatigue assessment at temperatures

different from room temperature has been proven in a number of studies (Berto et al.

2013, 2014; Gallo et al. 2015; Bourbita and Remy 2016; Gallo and Berto 2016). Some

of these studies applied modification factors to incorporate temperature effects into the

SED method. Indeed, one study by Gallo and Berto (2016) used Eq. (12) and Eq. (14)

in conjunction with literature data for fatigue assessment of notched metal specimens at

high temperatures; yet, no study has attempted to assess welded joints at temperatures

different from room temperature. Nevertheless, these studies prove that fatigue assess-

ment methods that incorporate the micro-structural support effect hypothesis are suitable

to assess temperature effects on a sound physical basis. Subsequently, the main findings

of the state of the art are summarized before the introduction to the experimental part of

this thesis.
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2.6
∣∣ Summary of the state of the art

The state of the art on fatigue behaviour at sub-zero temperatures and fatigue assessment

methods for welded joints was presented in the preceding sections of this chapter. The

aim of this chapter was to give an overview of the current understanding of temperature

effects on fatigue crack growth behaviour and to introduce the fatigue assessment meth-

ods that are applied in this study with the purpose of presenting a physically meaningful

way of accounting for temperature effects within fatigue design. For this purpose, typical

fatigue assessment methods—included in international standards and guidelines—as well

as more advanced methods based on the micro-structural support effect hypothesis were

presented. Furthermore, the relation of these methods to linear elastic fracture mechan-

ics was presented, which provides a possibility of linking temperature effects on fatigue

behaviour to the support effect at notches. The main conclusions of the state of the art

on those two topics are:

• Ferritic steels such as structural steel grades with bcc crystal structure show a tran-

sition behaviour of fatigue crack growth rate at low temperatures, sometimes in the

range of typical operating temperatures. This transition behaviour is assumed to be

related to the ductile–brittle transition typically measured by means of Charpy or

fracture toughness tests. This relation is, however, not yet fully understood.

• The fatigue strength of basematerials as well as welded joints increases with decreas-

ing temperature as long as the material is above the fatigue ductile–brittle transition

temperature.

• Most published studies focus on fatigue crack growth rate measurements or on butt-

welded joints, if S–N tests are performed; nonetheless, the basis for the design of

ships and offshore structures are S–N design curves.

• Typical fatigue assessment methods like the nominal, structural hot-spot, and effec-

tive notch stress method, which are included in international standards and guide-

lines, are not capable of accounting for temperature effects, unless modification fac-

tors are applied.
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• The micro-structural support effect hypothesis links the thermally activated plastic

deformation process that governs crack initiation to a number of fatigue assessment

methods.

• Examples of such methods are the averaged strain energy density method and the

stress averaging approach, which are both linked to the micro-structural support

effect hypothesis and to linear elastic fracture mechanics. Hence, both methods are

expected to be able to account for temperature effects on a sound physical basis.

• The relation between these two methods, which will be studied further in this thesis,

as well as links to the governing fatigue theories, was discussed in detail.

2.7
∣∣ Hypothesis and limitations of this study

This study seeks to improve the accuracy of fatigue design of welded engineering struc-

tures exposed to sub-zero temperatures by means of fatigue testing of welded joints and

expanding fatigue assessment concepts for sub-zero temperatures. Based on the state of

the art the following hypotheses are formulated, which will be investigated in this thesis:

• The fatigue strength of welded joints—in terms of S–N curves—increases at sub-zero

temperatures, as long as the test temperature remains above the fatigue transition

temperature.

• The relation of the averaged strain energy density method and the stress averag-

ing approach to the micro-structural support effect hypothesis and to linear elastic

fracture mechanics can be used to account for temperature effects within fatigue

assessment, without the need for modification factors.

Fatigue and fracture of engineering materials is a complex field, in particular with re-

spect to changes of failure modes (fatigue and fracture ductile–brittle transition), which is

affected by various influencing factors. These cannot all be addressed in this study. Con-

sequently, a number of limitations have to be kept in mind while assessing the results and

developed methods:

• A number of studies on fatigue crack growth rates have been published in past

decades in order to investigate the relation between the ductile–brittle transition
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(observed in fracturemechanics tests) and the fatigue ductile–brittle transition; none-

theless, fatigue design is typically performed by means of S–N approaches. Hence,

this thesis does not seek to investigate the effect between these two transition

temperatures in detail. The aim of this study is rather to link changes of fatigue

strength—measured in terms of S–N curves—to typical material tests performed for

qualification of structural materials, i.e. Charpy impact tests as well as tensile tests.

• Studies by Silva et al. (2012) and others have shown an increase in prediction error

for low notch acuities (i.e. large notch radii and opening angles). Furthermore, the

relation between different TCD methods based on Taylor and Hoey’s assumption

(Taylor and Hoey 2009) (ρ∗ = 2L) has been questioned as notch geometries seem to

influence predictions based on this relation. These limitations are not investigated

in this study, but are important to keep in mind while applying TCD methods or the

SED method as well as during comparisons.

• The aforementioned relation of the strain energy density method to linear elastic

fracture mechanics is limited to sharp notch details like fillet-welded joints, since the

assumption of V-shaped notches of the N-SIF method is violated for blunt notched

components like butt-welded joints with smooth transition radii. As a consequence,

only fillet weld details are investigated bymeans of the strain energy density method.

• This also hinders a direct comparison of the TCD methods and the SED method,

as presented in Hu et al. (2019). Therefore, the discussion of the results for both

methods is limited to a qualitative comparison.

• As the general fatigue behaviour of welded joints under sub-zero temperature in-

fluence is not fully understood, this thesis focusses on fatigue tests under constant

amplitude loading. Engineering structures such as ships and offshore structures are,

however, exposed to variable amplitude loading.

• Finally, the strain energy density method and the stress averaging approach are com-

pared to state-of-the-art methods. It is expected that these two methods can be

extended to sub-zero temperatures without the need for modification factors. Dif-

ferences in prediction accuracies of all methods are discussed; however, the aim is
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not to generally test or recommend particular fatigue assessment methods. A vali-

dation based on a large number of different small-scale weld details, and preferably

full-scale structures, would be required for this task.

With the help of experimental, statistical, and numerical investigations, the fatigue be-

haviour of welded joints at low temperatures is investigated in the subsequent chapters.

For this purpose, first the experimental study is presented in Chapter 3. The results of

the experimental programme are then presented in Chapter 4, and subsequently statisti-

cally assessed in Chapter 5 to test the first hypothesis. Based on the so obtained results,

the second hypothesis will be analysed by extending the averaged strain energy density

method and the stress averaging approach to account for temperature effects in Chapter

6.





3
∣∣ Testing methods and experimental

procedure

As mentioned before, one aim of this study was to analyse the influence of temperature on

fatigue strength of welded joints and to investigate whether these welded joints undergo

a change in fatigue and fracture behaviour due to embrittlement of the material. Con-

sequently, a large number of tests were performed for this study in order to investigate

the material behaviour and in particular the fatigue strength of welded joints exposed to

sub-zero temperatures typical for Arctic regions. To this end, stress–life (S–N) or Wöh-

ler tests with constant amplitude loading were performed at sub-zero temperatures (i.e.

−20 °C and−50 °C) and compared to controls at room temperatures (about 20 °C). EN ISO

19902:2018 requires Charpy impact toughness testing to be performed down to 30 °C be-

low the lowest anticipated service temperature for plate thickness t > 12 mm and at LAST

−10 °C for t < 12 mm. As−40 °C is typically used as a temperature limit for Arctic offshore

structures (ISO/TS 35105:2018) and the plate thickness of the test specimens is 10 mm, a

lower temperature limit of −50 °C was chosen for the fatigue tests in this study to match

the Charpy test requirements.

There are other test methods, like crack growth rate measurements, that are more suit-

able to determine the exact transition temperatures of fatigue and fracture behaviour; nev-

ertheless, the design of ships and offshore structures is mainly based on S–N approaches.

In order to be able to verify the applicability of state-of-the-art fatigue assessment meth-

ods included in international standards and guidelines, and newer not-yet-included meth-

ods, S–N test results are thus required.

Beside the investigation of temperature effects on fatigue strength of welded joints,
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additional tests to characterize the basematerial andwelded joints were performed. These

tests include tensile and Charpy V-notch impact tests. The Charpy V-notch, the tensile test,

parts of the misalignment measurement results, and explanations of the performed tests

were published in Braun et al. (2020d,f, 2021a); however, they are here presented in a

coherent way for the first time. Furthermore, results of the weld geometry measurements

are presented, which are later used to build the FE models for fatigue assessment.

3.1
∣∣ Welded fatigue test specimens

Three different weld details with two different failure locations made of two different steel

types were fatigue tested so as to build a large database for the subsequent study on

fatigue assessment methods for sub-zero temperatures. As a result, typical butt and fillet

weld details—often found in ships and offshore structures—with fatigue failure initiating

at weld toes roots were selected. In welded structures, weld details being prone to weld

root failure are usually avoided; nonetheless, such weld details were often used to develop

and verify fatigue assessment methods (cf. (Fricke 2012; DNVGL-RP-C203; Fischer et al.

2016b; Niemi et al. 2018)).
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L

Figure 17. Schematic presentation of fatigue test specimens with dimensions, extended from Braun
et al. (2020a)

The selected fillet weld details are a cruciform joint with non-penetrating fillet welds

and a two-sided transversal stiffener—leading to weld root and weld toe failure, respec-

tively. The third weld detail is a butt-welded joint with V-groove weld preparation on tem-

porary root backing. The welding procedure specification (WPS) can be found in Appendix

A. All three weld details with their respective dimensions are schematically illustrated in

Figure 17. In Figure 18, polished and etched macrographs are presented of the three
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weld details and both steel types. The orientation of the macrographs is aligned so that

the loading direction is in horizontal direction—as for the schematic presentations.

Figure 18. Macrographs of fatigue test specimens

Large welded structures like ships or offshore structures often contain a significant

number of stiffeners, which are referred to as transversal stiffeners in fatigue terms if the

loading direction is parallel to the continuous plate. In uniaxial fatigue testing, this leads

to no load being transfered through the fillet welds, see Figure 19 (a). If the orientation of

the welded joint is rotated by 90° and the loading direction is as indicated in Figure 19 (b),

the load is transferred through the fillet welds. If the cross-sectional area of the fillet welds

is not substantially larger than the cross-section of the base plate (i.e. throat thickness of

the fillet weld ath > 0.7t) the fillet welds exhibit a high risk of weld root failure due to the

larger stress concentration at the weld root as compared to the weld toe. In this study, an

intentionally low throat thickness of ath < 0.7t was chosen to enforce weld root failure of

the cruciform joints and to be able to investigate possible differences in the temperature

effects on weld toe and root failure.

The specimens of this study were welded by means of flux-cored arc welding (FCAW)

process using tack-welded stiffeners to limit angular distortion and are later removed, see

Figure 20(a). Later, the 1 m x 0.5 m plates were saw-cut into 500 mm x 5̃0 mmwide (40 mm

for the butt-welded joints) x 10 mm specimens. Further details are given in the WPS in
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(b)

1 2

4 3

(a)

1 2

4 3

Figure 19. Schematic presentation of load transfer through the fillet welds of non-load-carrying (a)
and load-carrying (cruciform joint) fillet-welded joints (b) with sequences of welding, adopted from
Braun et al. (2020f)

Appendix A and Braun et al. (2020f).

Figure 20. Production of fillet- (a) and butt-welded joint (b) plates for the test programme, taken
from Braun et al. (2021a)

3.2
∣∣ Material properties of applied steels and welded joints

To rule out material-based uncertainties of the welded joints, two series of each weld detail

were produced using two different steel types. The first is a normal-strength S235J2+N

normalized steel that is often used in ship structures and the second a S500G1+M ther-

momechanically rolled, fine-grain structural steel. The chemical composition of the two

steels is listed in Table 2. (Braun et al. 2020f)
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Table 2. Chemical composition of steels used [w%] (Braun et al. 2020f)

C Si Mn P S N Cu
S235J2+N 0.107 0.176 1.02 0.014 0.001 – 0.016
S500G1+M 0.056 0.208 1.58 0.012 0.002 0.004 0.273

Mo Ni Cr V Nb Ti Al-T
S235J2+N 0.002 0.020 0.023 0.001 – – 0.041
S500G1+M 0.175 0.516 0.056 0.001 0.02 0.001 0.033
‘–’ means <0.001.

Tensile tests at room and sub-zero temperatures have been performed to characterize

the stress-strain behaviour of the material in accordance with (EN ISO 26203-2:2011; EN

ISO 6892-3:2015; EN ISO 6892-1:2016); yet, instead of applying the load in a quasi-static

manner, a higher loading rate of 10 mm/s was chosen to prevent heating of the pre-cooled

specimens and to test the materials at a loading rate in the range of the fatigue tests.

The specimens that were tested at sub-zero temperatures were kept in liquid nitrogen for

about two minutes and allowed to heat up to the test temperature before the test.

During controls with a quasi-static loading rate, a loading rate dependence of yield

strength σYS and ultimate tensile strength σUTS was observed; however, the elongations

to fracture ef were found to be independent of loading rate, see Braun et al. (2021a) for

further details. The following averagedmaterial characteristics were derived for both steel

types, see Table 3.

Table 3. Mechanical properties of the base material derived from tests with a loading rate of
10 mm/s, which roughly corresponds to the loading rate of the fatigue tests, data from (Braun et al.
2021a)

Steel T [°C] σYS [MPa] σUTS [MPa] ef [% ]
20 364.5 460.0 27.6
−20 419.0 492.5 24.9S235J2+N
−50 472.0 515.5 14.3
20 506.5 606.0 19.6
−20 533.5 633.0 15.1S500G1+M
−50 568.0 659.5 14.1

Charpy V-notch test results confirmed that the base material of both steels has a high

longitudinal toughness. From sigmoidal curve fitting, Charpy transition temperatures T27J =

−78 °C and T27J = −119 °C are obtained for S235 and S500, respectively, which is well be-

low the certified Charpy V-notch impact toughness the steels have to fulfil, see Figure 21.
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To correlate possible changes in fatigue behaviour to typical testing methods, Charpy im-

pact testing has also been performed for the middle of the butt weld in the weld metal

(WM) in accordance with DNVGL-OS-C401, and the HAZ. The lowest fracture and Charpy

impact toughness are often measured along the fusion line between the WM and HAZ;

nevertheless, for the present welded joints a higher toughness was measured for the notch

location in the HAZ (which intersects the fusion line) than for the WM. For both steels the

lowest impact toughness was measured in the WMwith Charpy transition temperatures of

−28 °C and −64 °C (27J criterion) for the S235 and S500 steel, respectively (Braun et al.

2021a). This is thought to be related to the welding process. FCAW of butt joints with

multiple weld layers is expected to lead to detrimental fracture toughness results in the

middle of the WM compared to other welding processes (Gubeljak et al. 2002; Vojvodic

Tuma and Sedmak 2004; Coronado and Cerón 2010).

(a) S235J2+N BM

-150 -100 -50 0 50
Test temperature T [°C]

0

50

100

150

200

250

300

C
ha

rp
y 

im
pa

ct
 e

ne
rg

y 
C

V
 [J

]

(b) S235J2+N HAZ

-150 -100 -50 0 50
Test temperature T [°C]

0

50

100

150

200

250

300
(c) S235J2+N WM

Brittle
Ductile

-150 -100 -50 0 50
Test temperature T [°C]

0

50

100

150

200

250

300

(d) S500G1+M BM

-150 -100 -50 0 50
Test temperature T [°C]

0

50

100

150

200

250

300

C
ha

rp
y 

im
pa

ct
 e

ne
rg

y 
C

V
 [J

]

(e) S500G1+M HAZ

-150 -100 -50 0 50
Test temperature T [°C]

0

50

100

150

200

250

300
(f) S500G1+M WM

Brittle
Ductile

-150 -100 -50 0 50
Test temperature T [°C]

0

50

100

150

200

250

300

Figure 21. Charpy V-notch impact testing results of S235J2+N and S500G1+M steel with notch
location in the base material (BM), the heat-affected zone (HAZ), and the middle of the weld metal
(WM), data from (Braun et al. 2021a)
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3.3
∣∣ Fatigue test setup

Fatigue testing was carried out in a temperature chamber, with a temperature range of

−180 °C to +280 °C. A Schenck horizontal resonance testing machine with a maximum

load capacity of 200 kN and a frequency of around 33 Hz was retrofitted for this goal (see

Figure 22). Cooling is achieved by injecting vaporized nitrogen from a liquid nitrogen tank

into the temperature chamber. The temperature of the chamber and the specimen tem-

peratures were monitored during the fatigue test by PT100 platinum measuring resistors.

All temperature sensors are calibrated against an additional temperature gauge at room

temperature that is positioned in the test lab and experiences only minor variations. As

can be seen from Figure 22, a constant temperature within ± 1 °C is achieved. The spikes

in specimen temperatures during the tests were caused by injection of nitrogen. Failure

of the specimens is defined as full fracture or shortly before if the opening of the fatigue

crack exceeds the axial displacement limits of the testing machine. (Braun et al. 2020f)

Figure 22. Temperature chamber for sub-zero temperature fatigue tests and temperature variation
during fatigue test with mean temperature averaged over 30 seconds, adopted from Braun et al.
(2020f)

3.4
∣∣ Fatigue test preparation

3.4.1
∣∣ Measurement of specimens’ misalignment

Fatigue test results of small-scale specimens are known to be directly related to the lo-

cal weld geometry, i.e. the weld toe transition and secondary bending effects caused by

misalignment of test specimens. Thus, the local weld geometry and welding-related mis-

alignment of all specimens was measured prior to fatigue testing. For cruciform and butt
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joints, this includes angular (ϕ) and axial (e) misalignment and for transversal stiffener only

angular misalignment, see Figure 23 for the definition of misalignments.

φ

Axial 
misalignment:

e

Angular
misalignment:

L

t

Figure 23. Definition of axial and angular misalignment as illustrated for a butt-welded joint,
adopted from Braun et al. (2020b)

Due to the continuous base plate with stiffeners attached on both sides, no axial mis-

alignment arises for transversal stiffener specimens. The misalignment was measured by

dial gauges on the test setup presented in Figure 24(a). The specimen location is adjusted

within the test setup by variable support beams and fixed supports. Then, the vertical de-

flection from the horizontal baseline of the specimen is measured at the location indicated

by h2 and h3 in Figure 24(b). (Braun et al. 2020b)

h2 h4h3h1

a a
bb

baseline

Dial gauges
Support beams

Fixed supports

(a) (b)

Figure 24. Misalignment measurement setup (a) adopted from Fischer (2016) and principle to de-
termine axial and angular misalignment (b), adopted from Braun et al. (2020b)

During cutting of welded plates (for example into small-scale) residual stresses are

relaxed. The level of misalignment of these specimens thus varies from specimen to spec-

imen, due to varying levels of residual stress along the weld seam direction. Moreover,

the level of misalignment between specimens of different plates varies even if they are
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welded according to the same WPS. Hence, varying levels of misalignment may overlap

with other effects, such as temperature. (Braun et al. 2020b)

To separatemisalignment from temperature effects, the stressmagnification km caused

bymisalignment was calculated for all specimens according to IIW recommendations (Hob-

bacher 2016), considering fixed ends. For joint types with angular and axial misalignment,

a joint stress magnification km is derived by superposition of stress magnification factors

for axial km,e and angular misalignment km,a with

km = 1 + (km,e − 1) + (km,a − 1) (31)

How stress magnification factors are calculated for welded joint with weld toe failure is

described in international standards and guidelines (BS 7910:2013+A1:2015; Hobbacher

2016; Niemi et al. 2018). A concept of how a joint stress magnification factor—that takes

angular misalignment into account—can be derived for weld root failure of cruciform joints

was presented in Braun et al. (2020d). Only the results of the misalignment measurements

shall be presented here for each specimen type and separated by steel type, see Figure

255. The bars indicate the mean stress magnification factor of each specimen type and the

lines the corresponding standard deviation. As can be seen from Figure 25, the highest

stress magnification factors were calculated for the S235 butt-welded joints and the lowest

for the transversal stiffener specimens.

A certain degree of misalignment is already covered in fatigue design curves. For lo-

cal fatigue assessment methods, a general level of stress magnification of 5% is assumed,

but for nominal stress methods the level varies with specimen geometry (e.g. 1.15 for

butt joints and 1.25 for transversal stiffener). As a consequence, nominal stress results are

corrected by an effective stress magnification factor if the level given by the IIW recom-

mendations (Hobbacher 2016; Niemi et al. 2018) is exceeded; yet, no information is given

for weld root failure of cruciform joints in the IIW recommendations (Braun et al. 2020d).

3.4.2
∣∣ Weld geometry measurement

Besides misalignment and environmental effects, the fatigue strength of a welded joint is

largely affected by the local weld geometry. Cracks often initiate at local stress concen-

5The codes for creating this figure as well as Figure 28, 29, 38, 41, 43, 46, and 57 are based in part on the
plotting tool provided by Urai (2016)
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(a) Cruciform joints

S235 S500
Distribution

0

0.5

1

1.5

S235 S500
Distribution

1

1.25

1.5

S
tre

ss
 m

ag
ni

fic
at

io
n 

fa
ct

or
 k

m

Nominal stress 
method

Local 
methods

(b) Transversal stiffener
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(c) Butt-welded joints

Figure 25. Measured misalignment of the six test series and corresponding stress magnification
factors as well as levels of stress magnification included in nominal and local stress design curves,
extended for butt joints from (Braun et al. 2020d)

trations along the weld seam or at locations of varying weld shape, see (Hou 2007; Schork

et al. 2018; Hultgren and Barsoum 2020; Niederwanger et al. 2020). Moreover, an accu-

rate measurement of the weld geometry is of particular importance for the subsequent

FE modelling as the FE models are based on the average geometry obtained by laser tri-

angulation; however, the nominal stress assessment of the cruciform joints also requires

a measurement of the throat thickness a of each specimen. An overview of local weld

geometry parameters relevant for butt- and fillet-welded joints is given in Figure 26. The

main parameters describing weld toes are radius (ρ), local weld toe angle (θ), and undercut

depth (d). Additionally, weld height (Hw) and width (W) are measured for butt joints.

According to international standards, nominal stresses σn are to be derived in the sec-
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Figure 26. Local weld geometry of butt-welded joints including definition of axial (e) and angular
misalignment ϕ (a) and fillet-welded joints (b), adopted from Braun et al. (2020f)

tional area from membrane and shell bending stresses in the adjacent plates considering

macro-geometry effects, e.g. large cut-outs (Hobbacher 2016). For weld root fatigue, the

nominal stress is based on averaged stress components in the weld throat instead of the

nominal stress acting in the adjacent plate. These stress components are the same that

are used for static design of welds (Fricke 2013a; Braun et al. 2020d). In this study, the

Eurocode 3 (EN 1993-1-8:2005 + AC:2009) definition of throat thickness ath is applied,

which assumes no load transfer through excessive weld overfill. By fitting the largest pos-

sible triangle into a fillet weld, the throat thickness is the bisector of the leg lengths (z1

and z2), see Figure 26(b).

ath = (z1 + z2) /
√
z21 + z22 (32)

Laser triangulation was used for the local weld geometry measurements, see Figure

27. By doing so, each specimen was scanned after cutting the specimen from welded

plates. After assessing the scan quality manually, the post-processing of the point data

was then performed using the curvature method developed by Jung (2018), and improved

by Renken (2020) and Renken et al. (2021). The curvature method was found to yield

consistent results in a comparison to three different weld geometry assessment techniques

in Schubnell et al. (2020a).

The obtained weld surface was cut into 10 equidistantly distributed slices during the

assessment of the laser scans, as presented in Figure 27(c). Each slice was then evaluated

by the curvature method and the results for each slice as well as the mean and standard
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Figure 27. Scanning of the weld geometry of a S500 butt-welded joint (a), visualization to check
scan quality (b), and assessment of geometry with 2D weld slices (c)

deviation of each geometry parameter were stored. To investigate whether the assess-

ment was correct, a figure of each slice was exported and later checked manually. The

distributions of the averages obtained from the laser scan measurements for a number of

important geometry parameters are presented in Figure 28 and Figure 29 for butt-welded

and fillet-welded joints, respectively.
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(a) Butt-welded joints (top)
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(b) Butt-welded joints (bottom)

Figure 28. Distributions of measured average geometry parameters of the butt-welded joint spec-
imens’ top sides (a) and bottom sides (b)

From the laser scan post-processing, a median throat thicknesses ath of 5.71 mm and
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5.85 mm was obtained for the S235 and S500 cruciform joints, respectively (Braun et al.

2020d). These values will later be used to calculate the nominal weld stress acting in the

fillet weld cross-section and for the creation of the FE models for fatigue assessment of

the experimental test results.
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(b) Transversal stiffeners

Figure 29. Distributions of measured average geometry parameters of cruciform joints (a) and
transversal stiffeners specimens (b)





4
∣∣ Results of the experimental test

programme

The aim of this study is to analyse the effect of temperature on fatigue strength of welded

joints and to develop methods for fatigue assessment that are capable of taking temper-

ature effects into account. For this goal, welded steel joints were S–N tested at three

different temperatures, i.e. RT, −20 °C, and −50 °C. The fatigue test results are presented

in this chapter, including the evaluation approach and a comparison with reference fatigue

strength from design standards.

The fatigue test results have been published in Braun et al. (2020c,f, 2021a) including

a first comparison with design curves in Braun et al. (2020f); however, the results were

reassessed for this thesis for a combined assessment of temperature effects. Furthermore,

a comprehensive description of the evaluation approach of the fatigue test data has been

included. Finally, an extended assessment of fracture surface investigation was performed

to relate the fatigue and fracture behaviour of the welded joints to the Charpy V-notch

impact toughness results of the previous Chapter.

4.1
∣∣ Evaluation approach for fatigue test data

The fatigue test results of each test series (i.e. for a particular joint type, steel type, and

temperature) were statistically evaluated to obtain S–N curves with:

Nf = 2× 106
(
∆σn

∆σR

)−k

(33)

where Nf is the endured number of cycles to failure on the nominal stress range level

∆σn, ∆σR is the reference fatigue strength at 2× 106 cycles, and k is the slope of the S–N
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curve. For this purpose, curve fitting based on a least-square algorithm was performed

according to the recommendations of the German Welding Society (DVS) (Merkblatt DVS

2403) to derive mean fatigue strength S–N curves (i.e. for a survival probability Ps = 50%).

By subtracting twice the standard deviation from the mean fatigue strength a reference

fatigue strength for survival probability of Ps = 97.7% is obtained. The so obtained ref-

erence fatigue strength can then be compared with design curves and reference fatigue

strength (FAT class) given in international standards and guidelines, such as the IIW rec-

ommendations (Hobbacher 2016). These design values are defined for a probability of

survival of 97.5%; yet, the difference is found to be marginal, see Lefebvre et al. (2019).

Moreover, the scatter ratio 1/Ts between the fatigue strengths for Ps = 90% and 10% is

calculated for each data set as a typical measure of variance from Eq. (3).

International standards for welded joints assume that fatigue life of welded joints is

predominantly defined by crack propagation. Thus, a fixed slope exponent k = 3 for

welded joints is the basis of all design curves, see Hobbacher (2016). This assumption

holds for large amounts of test data; yet, test data of fatigue studies is often limited to

smaller amounts of samples (i.e. specimen number n < 20). Consequently, experimental

S–N curves often deviate from this assumption, which leads to a high uncertainty regard-

ing mean fatigue strength (Martin et al. 2011) and even higher uncertainty for reference

fatigue strength. So as to allow a comparison of S–N curves obtained for different test

temperatures based on mean fatigue strength, all S–N curves have been evaluated using

a fixed slope exponent k = 3 in accordance with international standards and guidelines.

Moreover, following international recommendations and standards (DIN 50100:2016-12;

Hobbacher 2016) more than 10 tests have been performed for each test series.

Only specimens that failed before reaching 2 × 106 cycles have been included in the

statistical assessment of the S–N curves, since this number of cycles corresponds to the

approximate knee point of S–N curves. For higher numbers of cycles, a shallower slope is

assumed (see Hobbacher (2016)). Furthermore, tests that reached the assumed knee point

were in most cases interrupted (indicated by an arrow in the S–N diagrams) and based on

the record of test frequency a decision was made whether to re-test the same specimen

on a higher stress range level. Stress ranges close to the knee point may initiate fatigue

cracks that are non-propagating; nevertheless, if the resonance test frequency remained

constant since the test start no fatigue cracks were initiated (cf. Schubnell et al. (2020b))
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and specimens were re-tested. To verify the assessment based on test frequency, the

data has been statistically assessed for conspicuities between the re-tested run-outs and

the remaining data, see Braun and Mayland (2020). One butt joint test result was hence

removed from the assessment.

4.2
∣∣ Obtained fatigue test results at room and sub-zero temperatures

The results for each specimen type and steel type are presented in the following sections,

beginning with the cruciform joints. So as to allow a comparison with design curves of

international standards, all S–N curves have been assessed using a fixed slope exponent

k = 3. Results for free slope exponents are additionally presented in Appendix B. In gen-

eral, all test specimens, at all test temperatures, fulfil the requirements according to the

corresponding FAT weld detail classes in Hobbacher (2016). This is related to the quality

of the welded specimens that mainly fulfil class B of EN ISO 5817:2014.

4.2.1
∣∣Cruciform joints

The test results for the cruciform joint specimens of both steel types, are presented in

Figure 30 including S–N curves for 50% survival probability (dashed lines). The colour

scheme for the temperature range is black (room temperature RT), red (−20 °C), and blue

(−50 °C) and filled symbols are used for S500 steel and empty for S235 steel. (Braun et al.

2020d)

First of all, all cruciform joint specimens failed from the weld root due to the chosen

throat thickness of ath < 0.7t. The cruciform joint test series showed a clear improvement

of mean fatigue strength (indicated by the numbers at the end of the dashed lines) as

test temperature decreased. Interestingly, a slightly larger increase in fatigue strength is

observed for the S235J2+N joints compared to the S500G1+M joints, which is thought to

be related to differences in misalignment between the test series. This will be assessed

further in Chapter 5. More importantly, even though the S235J2+N steel is certified for

a temperature of −20 °C, the fatigue strength increased even at temperatures as low as

−50 °C; this is in line with findings of other studies regarding large safety margins on

toughness at the certified steel temperatures (Walters et al. 2014). (Braun et al. 2020f)
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Figure 30. Fatigue test results of S235J2+N (a) and S500G1+M (b) cruciform joints, adopted from
Braun et al. (2020a)

4.2.2
∣∣ Transversal stiffener

A similar result was obtained for the transversal stiffener test series, presented in Figure 31,

with constantly increasing mean fatigue strength at lower test temperatures. The higher

scatter of the S235 specimens compared to the S500 specimens is caused by different

numbers and locations of crack initiation sites, see Braun et al. (2020f) for further details.
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Figure 31. Fatigue test results of S235J2+N (a) and S500G1+M (b) butt-welded joints, adopted
from Braun et al. (2020a)
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4.2.3
∣∣ Butt-welded joints

The fatigue test results of the S235 and S500 butt-welded joints are presented in Figure

32. Again, a constant increase in fatigue strength is observed for lower test tempera-

tures. While the S235 joints are compared with the FAT90 class (weld toe failure, low axial

misalignment) according to IIW recommendations (Hobbacher 2016), the S500 joints are

compared with the FAT80 curve for weld root failure starting from the side of temporary

root backing. The reason for the different failure locations (top and bottom) is related to

the sign of angular misalignment that leads to tensile secondary bending stresses on the

bottom side for the S500 joints and on the top side for the S235 joints.
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Figure 32. Fatigue test results of S235J2+N (a) and S500G1+M (b) transversal stiffener, adopted
from Braun et al. (2020a)

The actual slope exponent of the butt joint S–N curves is larger than k = 3 due to an

extended crack initiation period for high-quality butt-welded joints (large radii and flank

angles); however, for these test series a fixed slope of k = 3 is also applied to allow a

comparison with the other test series (see Braun et al. (2020c) for assessment based on

natural slope and best fitting slope exponents). Nonetheless, the results obtained for free

slope exponents and the corresponding standard deviation of the slope exponent SD(k)

are summarized in Table 4.
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Table 4. Summary of obtained slope exponents k, including standard deviation of the slope expo-
nent SD(k)

Temperature S235J2+N S500G1+M
Weld detail

T Slope k SD(k) Slope k SD(k)
RT 3.11 0.12 2.79 0.13

−20 °C 2.87 0.13 2.61 0.15Cruciform joints
−50 °C 3.01 0.12 2.81 0.18
RT 3.01 0.73 3.67 0.19

−20 °C 3.67 0.74 3.33 0.18Transversal stiffener
−50 °C 4.20 0.81 3.57 0.50
RT 3.04 0.55 4.80 0.70

−20 °C 3.51 0.92 4.47 0.91Butt-welded joints
−50 °C 2.69 0.52 4.58 0.60

4.3
∣∣ Assessment of fracture behaviour based on fracture surface

investigation

To investigate the fracture mode of the fatigue test specimens, visual inspection was per-

formed for all specimens. Photographs of exemplary fracture surfaces are presented in

Figure 33, Figure 34, and Figure 35 for the cruciform joint, transversal stiffener, and butt-

welded joint specimens, respectively.

First of all, almost all fracture surfaces are defined by large areas being related to fa-

tigue crack propagation. Furthermore, except for the S235J2+N butt-welded joint speci-

men tested at room temperature, most specimens failed due to crack initiation from sev-

eral small cracks that nucleated after growing one or two millimetres in depth.

At room temperature, the fracture surfaces of the cruciform joint specimens of both

steel types show shear lips in the final rupture region, which indicates ductile failure (i.e.

plastic collapse). At −20 °C, the fracture surface appearance of the S235J2+N steel is

similar to the surface of the RT test; however, at −50 °C a large area of brittle fracture

can be seen within the lower fracture fillet weld. Final fracture is, however, related to

ductile failure. Also, the S500G1+M cruciform joint fracture surfaces shows a large brittle

fracture at −50 °C—with almost no remaining shear lips. This result agrees well with the

observed ductile–brittle transition from Charpy V-notch impact testing. For the S235J2+N

weld material, a DBTT between −50 °C and 0 °C was observed from the Charpy tests with

a T27J = −28 °C from sigmoidal curve fitting. The corresponding S500G1+M T27J transi-
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tion temperature obtained from curve fitting is below −50 °C; however, a few specimens

already showed brittle fracture around −50 °C.

Despite the brittle final fracture behaviour of the cruciform joints at sub-zero tempera-

tures, the fatigue strength increased considerably with decreasing test temperature. This

is probably related to the fact that the majority of crack propagation is spent propagating

small cracks. Once the crack depth reaches a few millimetres, the remaining fatigue life is

rather short.

Figure 33. Fracture surfaces of cruciform joint specimens with non-fused plate edge in the middle
between the fractured welds (scale in millimetres), adopted from Braun et al. (2020a)

The fracture surfaces of the transversal stiffener specimens in Figure 34 show similar

behaviour as the cruciform joints at room temperature; however, the fracture surfaces

reveal a different behaviour at sub-zero temperatures. The majority of specimens failed

due to plastic collapse. This can be seen from large areas connected to fatigue crack

propagation and final fracture which is caused by ductile failure (again, indicated by shear

lips, but also some necking for both steel types).

Only the S235J+N fracture surface of the transverse stiffeners revealed a cleavage crack

perpendicular to the direction of the applied loading on the right side of the specimen
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tested at −50 °C (see Figure 34); this is a clear sign of brittle material behaviour. Interest-

ingly, the lower left corner contains a shear lip, which indicates ductile failure. The reason

for this behaviour could be related to the location of final fracture being inside a local brit-

tle zone. This is, however, unlikely as the fracture initiated in the base material. Thus, it is

more likely that the base material of this specimen is in the ductile–brittle transition at this

temperature and does not fully behave brittle yet. This observation is supported by the

fact that the scatter band around the DBTT of the base material begins at about −60 °C.

In general, the Charpy transition curve for the S235J2+N base material is quite steep and

shows a large scatter. It is hence conceivable that the condition of the fatigue test led to

a state of fracture at the transition to brittle fracture. This is exacerbated by the majority

of the specimens showing ductile fracture behaviour.

Figure 34. Fracture surfaces of transversal stiffener specimens (scale in millimetres)

The comparisons of fracture surfaces for transversal stiffener and cruciform joint spec-

imens indicate that the DBTT is lower in the weld metal than in the base material. This is

supported by the low Charpy impact toughness test results of the weld metal of the butt-

welded joints and by the fact that cruciform joint and transversal stiffener specimens were

welded with exactly the same welding parameters. Furthermore, the observed partly brit-

tle behaviour of the S235J2+N transversal stiffeners agrees with observations by Alvaro

et al. (2017) and Walters et al. (2016), who observed a FTT 15 °C and 12 °C higher than

the DBTT for the T40J and T27J value, respectively.
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Figure 35. Fracture surfaces of butt-welded joint specimens (scale in millimetres), adopted from
Braun et al. (2021a)

The fracture surfaces of the butt-welded joints in Figure 35 show a quite different be-

haviour for the S500G1+M steel compared with all other test series, with brittle fracture

during fatigue crack growth and not only during final fracture. This behaviour was, how-

ever, not observed for the S235J2+N butt-welded joints. The reason for this is the differ-

ence in fatigue crack initiation location for both steel types. Fatigue cracks initiated in the

heat-affected zone for both steel types, but final fracture was either located in the base

material (S235J2+N) or the weld metal (S500G1+M) due to the V-shaped welds (Braun

et al. 2021a).

While the S235J2+N failed due to plastic collapse at all test temperatures, a number

of S500 specimens showed brittle fracture behaviour at −50 °C. Contrary to the cruciform

joints and the transversal stiffener, where only final fracture was brittle, the S500G1+M

specimens also show some brittle fracture propagation during fatigue crack growth. The

brittle cracks, however, seem to be arrested after propagating about 2mm. This behaviour

is revealed by the fatigue crack propagation area between the small brittle fracture areas

and the final fracture area. The reason for this is the small difference between the DBTT

in the weld metal (−64 °C for the S500G1+M joints) and the fatigue test temperature

of −50 °C as well as the large scatter of Charpy test results, see Figure 21. This further

explains why some specimens failed in a brittle manor while others did not. Similar to

the other tested weld details, the fracture behaviour does not seem to influence fatigue

strength as it increases constantly with decreasing test temperature for both steels.
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4.4
∣∣ Analysis and comparison of fatigue test results

To illustrate the increase of fatigue strength at sub-zero temperatures compared to room

temperature, a mean fatigue strength ratio VR,50% is calculated with

VR,50% =
∆σR,50% (T)

∆σR,50% (T = 20◦C)
(34)

where ∆σR,50% (T) is the mean fatigue strength and ∆σR,50% (T = 20◦C) the correspond-

ing mean fatigue strength at room temperature (i.e. 20 °C). The results are presented in

Figure 36(a) for the different weld details and steel types. In the following sections, abbre-

viations will be used for the three specimens’ types, i.e. ‘B’ for butt-joint, ‘C’ for cruciform

joint, and ‘T’ for transversal stiffener.

Compared to room temperature, the fatigue strength of almost all test series increases

constantly with decreasing temperature throughout the tested range with an average

mean fatigue strength increase of 6.9% at −20 °C and 15.0% at −50 °C. This agrees well

with the change in fatigue crack growth threshold data obtained from the literature, see

Figure 5. Interestingly, the increase in nominal stress fatigue strength of the cruciform

joints matches the change in∆Kth (of about 12% at −20 °C and 21% at −50 °C compared

to room temperature) the best. This is related to the sharp notch radii at the weld root.

Due to this, the fatigue life of the cruciform joint specimens is almost entirely driven by

crack propagation. This also supports the underlying assumption by the SED and N-SIF

methods of linear relation between the stress intensity factor for mode I (KI) and the mode

I N-SIF KN
1 .

A second fatigue strength ratio VR,97.7% for comparison of reference fatigue strength

normalizes the fatigue strength∆σR,97.7% atN = 2×106 cycles for a probability of survival

of Ps = 97.7% with the corresponding IIW design fatigue strength ∆σR,FAT .

VR,97.7% =
∆σR,97.7%, R=0.5 (T)

∆σR,FAT
(35)

The results for the fatigue strength ratio VR,97.7% according to Eq. (35) are presented in

Figure 36(b), corrected for the difference in test and design stress ratio R (R = 0 in the tests

and R = 0.5 in the guidelines). Mean stress correction factors f (R) = 1.03 and f (R) = 1.08

for the fillet-welded S235 and S500 specimens (cruciform joints and transversal stiffeners),
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Figure 36. Ratio of experimental mean (N = 2 × 106, Ps = 50%) fatigue strength at sub-zero
temperatures to room temperature (a) and ratio of experimental to corresponding fatigue strength
class (b) (N = 2 × 106, Ps = 97.7%), corrected to R = 0.5 with the mean stress correction factors
f (R) for the fillet weld details derived in (Braun et al. 2020f) and f (R) = 1.2 for butt-welded joints

respectively, were derived based on additional tests with stress ratio R = 0.5 (see Braun

et al. (2020f)). These mean stress correction factors are lower than the usual assumption of

the IIW recommendations (Hobbacher 2016) for no remaining residual stresses after small-

scale specimen production (i.e. f (R) = 1.2) but closer to results of Sonsino (2009), who

obtained f (R) = 1.1 by analysing a large amount of fatigue datasets. Due to the difficulty

of testing normal-strength steel joints at R = 0.5, the IIW recommendation (Hobbacher

2016) of f (R) = 1.2 is adopted for the butt-welded joints, which is, however, thought to

be overly conservative for the S235 steel specimens. Further information concerning the

tests and comparisons with temperature modification functions given in current design

guidelines and standards is provided in Braun et al. (2020f).
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4.5
∣∣Conclusions from the experimental test programme

This chapter investigated the fatigue behaviour of welded normal and high-strength steel

joints by means of stress–life tests at room- and sub-zero temperatures. Observations

were then assessed using the results of Charpy impact testing presented in Section 3.2.

Furthermore, the effect of temperature on the obtained fatigue strength was compared

to fatigue design curves and controls at room temperature. The following conclusions are

drawn from the investigation:

• Compared to room temperature, the fatigue strength of both steel types increases

constantly with decreasing temperature for all three weld details. The average fa-

tigue strength increase in mean fatigue strength compared to room temperature was

about 7% and 15% at −20 °C and −50 °C, respectively.

• The highest relative increases in fatigue strength of 25.5% at −50 °C has been found

for a steel grade that is only qualified for −20 °C according to the steel type desig-

nation.

• The observed increase in fatigue strength of the cruciform joints agree well with

estimates based on changing fatigue crack growth rate threshold obtained from the

literature data.

• Although fracture surface investigations reveal brittle fracture zones in test speci-

mens that failed from cracks located in the weld metal, the fatigue strength further

increases with decreasing test temperatures.

• The ductile–brittle transition behaviour at sub-zero temperatures of the fatigue test

specimens agrees well with results obtained by means of Charpy V-notch impact

testing.

• Comparisonwith design curves results in a conservative assessment of fatigue strength

of welded joints at sub-zero temperatures.

• Finally, nominal stress fatigue design curves for welded joints derived from tests at

room temperature are safe to be applied for temperatures down to −50 °C; nev-
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ertheless, the actual fatigue strength at sub-zero temperatures is highly underesti-

mated.





5
∣∣ Statistical assessment of test

temperature effect on fatigue strength

5.1
∣∣ Background on statistical assessment

With regard to the initial research question of temperature effects on fatigue strength

of welded joints, an assessment of influencing factors on fatigue strength using statisti-

cal methods is of interest. For this purpose, the correlation between test temperature

and number of cycles to failure is investigated. Furthermore, as misalignment effects are

among the most influential parameters affecting fatigue strength, a comparison against

the correlation between fatigue strength and stress magnification factor km of each spec-

imen is performed. Finally, it will be assessed whether the number of test specimens was

sufficient to warrant the conclusions drawn from the statistical assessment. The statistical

approach is first presented using the fatigue test data for cruciform joints and subsequently

applied to the two other weld details.

5.2
∣∣ Introduction of the statistical assessment and application to the

cruciform joint fatigue test data

First of all, the hypothesis of normally distributed fatigue test data is tested for each spec-

imen and steel type. The assessment is based on the residuals of logarithmic number of

cycles to failure Nf from a linear regression model assuming a similar influence of temper-

ature on all load levels. To confirm this assumption, the residuals are first plotted against

the fitted logarithmic number of cycles to failure logNf from the linear regression model

(assuming a normal distribution of logNf) in Figure 37. Consequenntly, the data for all



5
∣∣ Statistical assessment of test temperature effect on fatigue strength 77

temperatures is evaluated jointly.
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Figure 37. Difference between residuals and fitted normal distribution, normal probability plot
of residuals with results of the Anderson-Darling test, and comparison of cumulative distribution
functions for S235J2+N (a) and S500G1+M (b) cruciform joints

Notably, the residuals are evenly distributed around themean (dotted line in left graphs

repressing a residual of zero). This is a sign of a symmetrical distribution like a normal

distribution. Next, to assess whether the data might stem from a normal distribution,

the residuals are plotted against the probability distribution function (PDF) of a normal

distribution (dashed line) in the second subplot in Figure 37(a). The closer the data fits the

straight line the higher the likelihood it stems from a normal distribution.

To support the graphical assessment, Anderson-Darling tests (Anderson and Darling

1952) for normality were performed for each dataset, which is considered to be the most

precise test to analyse whether a sample is drawn from a normal distribution (Wilker 2018).

The null hypothesis (data stems from a normal distribution) is confirmed if the test value
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AD is smaller than the critical valueAD∗—at a given significance levelα (here 0.05). A third

method for a comparison of test data with an assumed distribution function is typically a

comparison of the empirical cumulative distribution function (CDF) with a normal CDF.

Graphical and statistical hypothesis tests—such as the Anderson-Darling test—are not

proof that a sample stems from a certain distribution but a good indication. A small uncer-

tainty remains, which is specified by the significance level, e.g. of the Anderson-Darling

test (α = 0.05). Nonetheless, if all tests indicate a symmetrical distribution similar to a

normal distribution and the Anderson-Darling tests confirm the null hypothesis, it can be

assumed that the sample is drawn from a normal distribution. Furthermore, if the residuals

are assumed to be normally distributed, it can be assumed that the fatigue data follows

a log-normal distribution, which is generally assumed for fatigue test results of welded

joints, see Haibach (2006).

The residual plots, the normal probability plots, and the comparison of the cumulative

distribution functions of the cruciform joint (Figure 37) indicate a symmetrical function and

show a good correspondence with the fitted normal distribution for both steel types. This

result is backed by the outcomes of the Anderson-Darling tests. The test valueAD is much

smaller for both samples than the critical value AD∗. Hence, both samples are considered

to be normally distributed.

Next, the correlation between the obtained residuals of logarithmic number of cycles

to failure and test temperature during the fatigue tests is investigated and compared with

the correlation between the residual and the stress magnification factor of each specimen.

If the fatigue behaviour is similar (the failure mode is not significantly changed) for all test

temperatures, a linear relation between the temperature and residuals is assumed. Thus,

the most common type of correlation coefficient (i.e. Pearson correlation coefficients rxy

(Pearson 1895)) is used to assess the correlation, which is typically used to assess linear

relations between variables. Furthermore, the probability value (p-value) of each fit is the

result of a hypothesis test of no correlation against the alternative hypothesis of a non-zero

correlation. In other words, if p is small (e.g. p < 0.05) it is assumed that the correlation

coefficient is significant.

As previously mentioned, the correlation of residuals of logarithmic number of cycles

to failure Nf against the stress magnification factors km of each specimen is performed

to highlight the effect of test temperature on fatigue strength. In Braun et al. (2020b)
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it was observed that the formulas to assess stress magnification factors for butt-welded

joints overestimate stress magnification factors if fixed clamps are used in fatigue tests;

nonetheless, this effect is limited to high stress magnifications and small-scale butt-welded

joints. For such scenarios, a non-linear relation can be assumed betweenmisalignment and

stress magnification. To enable a direct comparison with temperature effects, however, the

same linear correlation coefficient definition (Pearson correlation coefficient rxy) is applied

to evaluate the correlation between residuals and stress magnification factors6.

To evaluate the significance of the two correlation coefficients, Steiger’s Z-test (Steiger

1980) is performed to test if the two Pearson correlation coefficients (e.g. for stress magni-

fication factor and test temperature) are significantly different. Compared to other popular

tests, this test is suitable for small datasets (Meng et al. 1992).

The results of the statistical evaluation of cruciform joint test series are presented in

Figure 38. To be able to distinguish results for different test temperatures in the correlation

plot of stress magnification factors, different colours are used for each test temperature.

Assessing the data of S235 cruciform joints, a strong negative correlation (rxy = −0.80) is

observed between the residuals of logarithmic number of cycles to failure and test tem-

perature, while there is no correlation between residuals and stress magnification factor.

The latter is probably related to the low scatter of stress magnification factors for this weld

detail, see Figure 25. The negative correlation between residuals and test temperature

is due to the higher obtained fatigue strength at sub-zero temperatures (higher fatigue

strength yields a result on the right side of the normal distribution and thus a positive

residual).

The line in Figure 38 shows the steepness of the linear relation between test tempera-

ture and residuals with the confidence interval being highlighted in grey. The slope of the

linear fit b is derived from correlation coefficients with:

b = rxy

(
SDy

SDx

)
(36)

where SDy and SDx are the standard deviation about x- and y-axes, respectively. A higher

value b represents a stronger influence of temperature on residuals of logarithmic number

6Non-linear correlation coefficient formulations (e.g. Spearman’s rank correlation) led to almost identical
results and were thus not further considered.
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(a) S235 Cruciform joint

(b) S500 Cruciform joint
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Figure 38. Correlation between test temperature and normal distributed residuals and comparison
of correlation with stress magnification factors km for S235J2+N (a) and S500G1+M (b) cruciform
joints

of cycles to failure. Furthermore, a small probability value p also leads to a small confidence

interval.

A correlation is considered strong if |rxy| > 0.7 and moderate if |rxy| > 0.3 (Ratner

2009). As can be seen from Figure 38, the correlation between test temperature and

residuals is strong for the S235 and close to being strong for the S500 cruciform joint test

data. Moreover, there is almost no correlation between stress magnification factor km and

the residuals for the S235 cruciform joints, whereas a moderate correlation is found for the

S500 cruciform joints. This could be related to the increased range of stress magnification

factors km of the latter as compared to the S235 cruciform joint specimens.

For both cases, it can be assumed that the variables are significantly different (|∆rxy| >

0.9) as the outcome of the Z-test is statistically significant (p < 0.001). Interestingly, the

two variables account for more than 90% of the variability of residuals in both cases. Con-

sequently, it can be concluded that the two parameters (stress magnification factor and

test temperature) are almost solely responsible for the relative fatigue strength, i.e. the



5
∣∣ Statistical assessment of test temperature effect on fatigue strength 81

location within the normal distribution of residuals of logarithmic number of cycles to fail-

ure. This conclusion seems reasonable given a small variation in the weld throat thickness

of the specimens and sharp notch radii at weld roots, see Figure 18. This leads to a fast

crack initiation at several locations and similar crack growth behaviour and duration for all

cruciform joint specimens. In contrast, specimen types with crack initiation at weld toes

typically show larger scatter due to differences in fatigue crack initiation behaviour. Fur-

thermore, the slope of the linear fit of test temperature against residuals of S235 cruciform

joints is shallower (higher b) than for the S500 specimen. This is in line with the result of

the change of mean fatigue strength presented in Figure 36.

Next, bootstrapping of the samples is performed in order to assess the variance of

the obtained correlation coefficients. Bootstrapping approaches are a group of statistical

methods belonging to the group of random sampling with replacement. Thereby, new

samples are created from the original sample without the need to know the exact distri-

bution of the original sample. By repeating this process a sufficient number of times, a

probability density of the original sample or a confidence interval of a quantity like the

correlation coefficient rxy can be obtained; the typical number of repetitions is 1000 (Pat-

tengale et al. 2009). An estimate of the correlation coefficient of the real population r∗xy is

then obtained by calculating the mean of the bootstrapped probability density estimates

presented in Figure 39.

As can be seen from the two figures, the bootstrapped estimates seem to follow a

normal distribution (solid line in the histogram). The standard deviation of a bootstrapped

distributions is the standard error SE of the investigated quantity (here the correlation co-

efficient). If the sampling distribution is normally distributed, the 95% confidence interval

of the mean value (estimate of the correlation coefficient r∗xy) corresponds to 1.96 × SE

(Pham 2006).

The estimate of the correlation coefficient r∗xy is equal to the calculated correlation

coefficient of both samples of cruciform joints. More importantly, low standard errors and

confidence intervals are obtained for both samples. One principle of bootstrapping is that

the real variance of a quantity is approximately equal to the bootstrapped variance (Wu

and Thompson 2020). This confirms the correlation between the test temperature and

the residuals of logarithmic number of cycles to failure and thereby the high effect of test

temperature on fatigue life.
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(b) S500 (n = 38)

rxy
*  = -0.66 

SE = 0.07

-1 -0.8 -0.6 -0.4 -0.2 0
Correlation coefficient r xy

0

1

2

3

4

5

6

7

8

P
ro

ba
bi

lit
y 

de
ns

ity‾ ‾

Figure 39. Histograms of probability density of correlation coefficients obtained from 1000 boot-
strap samples from the initial sample size of S235 (a) and S500 (b) cruciform joint test data with
estimates of the correlation coefficient r∗xy and the standard errors SE

Next, the effect of the number of test specimens on the obtained correlation coeffi-

cient is assessed in order to investigate if the number of test specimens was sufficient to

obtained the aforementioned conclusions. For this purpose, an increasing number of test

specimens are randomly excluded from the initial dataset and a combination of a boot-

strapping and a jackknife approach is applied.

Jackknife approaches are a different group of resampling methods—that pre-date

bootstrapping approaches—with the aim of assessing the variance of a sample, see Efron

(1992). Instead of creating additional samples by means of resampling, one or more ob-

servations are removed from the dataset. This process is repeated n times, resulting in n

jackknife means. The estimate of a mean of a sample is then obtained from averaging all

jackknife means.

The combination of both approaches allows us to investigate whether the same con-

clusions would have been obtained with a reduced number of specimens. In this context,

the reduction of data is obtained by the jackknife approach, while the confidence inter-

val of the estimates obtained from the reduced sample is assessed by bootstrapping. As

a result, histograms of probability density of correlation coefficients obtained from 1000

bootstrapped samples after randomly removing 20 specimens from the S235 (a) and from

the S500 cruciform joints (b) are tested for normality, see Figure 40. A minimum specimen
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number of n − 20 was chosen for the jackknife approach, which is about the number of

specimens tested for one test temperature instead of three, and corresponds roughly to

the minimum size of specimens required to establish an S–N curve (DIN 50100:2016-12).

For the S500 joints, the data seems to follow a normal distribution but not for the S235

joints. This is related to the interval of correlation coefficient, i.e. [−1, 1]. More impor-

tantly, the scatter (spread of the distribution) increases for a lower number of specimens

n. From a normal distribution fit, confidence intervals of 0.253 and 0.294, respectively,

are obtained for the two probability plots presented in Figure 40. Only a small difference

in the estimates is obtained for the full and reduced sample size (n − 20) of S235 joints.

This result is, however, coincidental. A single jackknife assessment is not suitable to assess

the variance of the jackknife means as the results are highly dependent on the randomly

excluded specimens. The aforementioned procedure—to estimate the correlation coeffi-

cient rxy—is thus repeated 1000 times for decreasing number of specimens until n− 20.
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(b) S500 (n = 18)
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Figure 40. Histograms of probability density of correlation coefficients obtained from 1000 boot-
strap samples after randomly removing 20 specimens from the initial sample size of S235 (a) and
S500 (b) cruciform joint test data with estimates of the correlation coefficient r∗xy and the standard
errors SE

From the 1000 repetitions, the mean and the confidence band of the mean are conse-

quently obtained for each number of specimens. The result of the assessment of cruciform

joint test data is presented in Figure 41. Here, the estimate of the correlation coeffi-

cient (mean value) is indicated by the lines and the confidence interval by the shaded area
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around the mean. As can be seen from the figure, the confidence interval continuously

increases for decreasing number of specimens; yet, the correlation remains moderate to

strong even for the lowest number of specimens (n− 20). Finally, it can be concluded that

for a much smaller sample size (n−20) a correlation between test temperature and fatigue

strength of the cruciform joints would have also likely been obtained.
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Figure 41. Change of confidence intervals of the estimated correlation coefficients r∗xy with number
of specimens n − 20 of cruciform joint test data; the lines represent the mean of the 1000 boot-
strapped samples and the shaded area the confidence intervals

5.3
∣∣ Statistical assessment of transversal stiffener fatigue test data

The same statistical assessment is now repeated for the results obtained from testing

transversal stiffener specimens. First of all, residuals of logarithmic number of cycles to

failure are tested for normality using graphical tests and the Anderson-Darling test. Inter-

estingly, the null hypothesis of normal distributed data is rejected for the S500 steel due

to one specimen with exceptional high fatigue strength at the upper right corner of the

normal probability plot, see Figure 42(b).

The residual of the assumed outlier is about two and a half times that of the second

highest residual. The result was therefore removed from further assessments. As a con-

sequence, the reassessment of the residuals (presented in Figure 42(c)) now leads to an

accepted null hypothesis of the Anderson-Darling test and much better graphical agree-

ment between empirical and theoretical normal CDF in the tails.

Compared to the S500 sample, a higher scatter of residuals is obtained for the S235

series and a worse correspondence with the normal distribution fit in the middle and the
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tails of the probability plot. This is anticipated as the fatigue test data showed a higher

scatter for each test temperature than the corresponding data of the S500 joints.

From the assessment of the correlation between residuals and test temperature as well

as stress magnification factor km, a moderate correlation is found for both steel types, see

Figure 43; however, the significance of the results is much lower than for the cruciform

joints. Interestingly, a moderate correlation between stress magnification and residuals is

found for the S500 specimens, while no correlation is obtained for the S235 specimens.

Moreover, the results from the Steiger’s Z-test fail to support the hypothesis that both

correlations are independent. The reason for this is likely related to other influencing

factors affecting fatigue strength of specimens failing from weld toes as compared to weld

roots. Clearly, factors like local weld geometry (weld toe radius and angle) affect fatigue

strength for transversal stiffeners, while the notch geometry at the weld root is almost

identical for all cruciform joint specimens. Nonetheless, based on the confidence intervals

of the linear regression of test temperature and residuals, a trend towards higher fatigue

strength at lower temperatures is observed.
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(a) S235 transversal stiffeners
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(b) S500 transversal stiffeners
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Figure 42. Difference between residuals and fitted normal distribution, normal probability plot of
residuals with results of the Anderson-Darling test, and comparison of cumulative distribution func-
tions for S235J2+N (a) and S500G1+M (b) transversal stiffeners, as well as of S500G1+M transversal
stiffeners after removing an assumed outlier (c)
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Figure 43. Correlation between test temperature and normal distributed residuals and comparison
of correlation with stress magnification factors km for S235J2+N (a), S500G1+M (b) transversal stiff-
ener, as well as the change of confidence intervals of the estimated correlation coefficients r∗xy with
number of specimens (c)

Since the correlation coefficient is similar for both steel types, the confidence interval

for reducing the number of specimens of the jackknife assessment is largely overlapping

and has a similar range, see Figure 43. For n − 20 specimens a confidence interval of

about ± 0.4 around the mean is calculated. It thus ranges from no correlation to a strong

correlation. The larger scatter and thereby uncertainty of the obtained correlation coef-

ficient—compared to the cruciform joints—is also confirmed from the assessment of the
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bootstrapped probability density estimate of the initial sample of S500 transversal stiffen-

ers (see Figure 44(a)). Here, a standard error of SE = 0.17 is obtained, which corresponds

to a confidence interval of± 0.33. This is more than twice as much as for the cruciform joint

data. For the smallest analysed data set (n− 20), the standard error and confidence inter-

val are significantly increased, see Figure 44. The results of the S235 transversal stiffener

specimens are not presented as they are very similar to those of the S500 specimens.

It can be concluded that the number of specimens was sufficient to come to the conclu-

sion that there is a correlation between test temperature and number of cycles to failure,

but the data set should not have been much smaller. Earlier studies on welded joints

at sub-zero temperatures tested much fewer specimens than were tested for this study.

Given the presented result, their conclusions have to be treated with caution.
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Figure 44. Histograms of probability density of correlation coefficients obtained from 1000 boot-
strap samples from the initial sample size of S500 transversal stiffener test data (a) and after randomly
removing 20 specimens (b)

5.4
∣∣ Statistical assessment of butt-welded joint fatigue test data

Finally, the test data of the butt-welded joints is statistically assessed for temperature

effects on fatigue strength. First of all, due to the large scatter for both steel types—which

is thought to be related to the high weld quality and corresponding shallow slope of the

S–N curve—a larger number of fatigue tests have been performed compared to the test

series of the other two weld details. Although the scatter of the residuals of logarithmic
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number of cycles to failure from the linear regression model (normal distribution) is the

highest of all test series, the null hypothesis of the sample being drawn from a normal

distribution is not rejected by the Anderson-Darling test, see Figure 45.

From graphical comparison with typical normal probability plots, it appears that the

residuals of the S235 butt joints stem from a right-skewed distribution. The discrepancy in

the tails of the empirical CDF supports this conclusion; yet, the AD test value is significantly

lower than the critical value. Interestingly, the AD test value of the S500 butt-welded joints

is identical to the S235 joints; nonetheless, the distribution functions appear closer to a

normal distribution function.
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Figure 45. Difference between residuals and fitted normal distribution, normal probability plot
of residuals with results of the Anderson-Darling test, and comparison of cumulative distribution
functions for S235J2+N (a) and S500G1+M (b) butt-welded joints

Comparing the correlation of residuals and test temperatures as well as stress magni-

fication factors, a higher correlation with stress magnification factors is obtained for both
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steel types. Interestingly, the correlation coefficient between test temperature and resid-

uals of the S235 sample is almost zero. This does not mean that there is no temperature

effect on fatigue strength of the S235 butt-welded joints but the correlation to the stress

magnification factor is much stronger, which is likely to influence the other correlation.

Furthermore, a large number of tests performed at room temperature showed very

high fatigue strength (positive residuals). From Figure 46(a) it can be seen that the majority

of S235 tests at room temperature were performed using test specimens with a small stress

magnification factor, while the tests of other test series (including the tests of the S500

butt joints) had more evenly distributed scatter of stress magnification factors. Thus, the

missing correlation to test temperature seems to be influenced by the correlation to the

stress magnification factors of the S235 butt joint specimens.

(a) S235 Butt-welded joints

(b) S500 Butt-welded joints
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Figure 46. Correlation between test temperature and normal distributed residuals and comparison
of correlation with stress magnification factors km for S235J2+N (a) and S500G1+M (b) butt-welded
joints

Interestingly, a similar correlation coefficient was calculated for the correlation between

test temperature and residuals, and test temperature and stress magnification factors for

the S500 specimens. As a consequence, Steiger’s Z-test rejects the null hypothesis of
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independent correlation of test temperatures and stress magnification factors. Notably,

the range of residuals at −50 °C is smaller than at −20 °C and room temperature. The

reason for this result is not clear; yet, the result might be influenced by other factors such

as local weld geometry.

From the bootstrap assessment (Figure 47) of the correlation coefficients, a lower stan-

dard error is obtained for S235 and S500 butt joints as for the transversal stiffeners. It can

thus be concluded that the missing correlation between residuals of logarithmic cycles to

failure to test temperature of the S235 butt joints is not coincidental but evidently related

to other influencing factors like the weld geometry. Finally, more tests for the butt-welded

joints would likely help the assessment of whether the test temperature has a significant

effect on fatigue strength. Hence, no jackknife assessment was performed for the butt-

welded joints.
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Figure 47. Histograms of probability density estimate of correlation coefficients obtained from 1000
bootstrap samples of S235 (a) and S500 (b) butt-welded joint test data

5.5
∣∣Conclusions from the statistical assessment of the fatigue test

results

This chapter investigated the effects of temperature on the obtained fatigue strength re-

sults based on statistical methods. The following conclusions are drawn from the investi-

gation:
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• First of all, it can be concluded that the residuals of the logarithmic number of cycles

to failure for all three weld details and the two steel types are normality distributed,

as the Anderson-Darling test does not reject the null hypothesis of the samples being

drawn from a normal distribution. This is expected for welded specimens as it means

that the fatigue life itself is log-normal distributed, but still it is important to verify

as it supports further assessments based on the assumption of normally distributed

residuals. The sample of the S235 butt-welded joints shows some deviation from a

normal distribution in the tails, but the Anderson-Darling test results still supports

the assumption of normally distributed residuals.

• The statistical assessment of the fatigue test data reveals a strong correlation be-

tween the test temperature and the residuals of logarithmic number of cycles to

failure for the two cruciform joint specimen series. This is thought to be related

to the low observed scatter in fatigue test results, which is in turn related to the

larger number of crack initiation sites at the sharp notch of the weld root. It is well

known that fatigue test specimens with high notch acuity usually show less scatter

than mildly notched specimens and scatter in fatigue test results is often associated

with variations in crack initiation behaviour.

• A moderate correlation between the test temperature and the resulting number of

cycles to failure is observed for the transversal stiffener specimens. This is related to

the additional influencing factors for specimens with weld toe failure (larger variation

in local notch geometry and thereby in the number of crack initiation sites).

• The missing correlation between residuals of logarithmic number of cycles to failure

to test temperature of the S235 butt joints is not coincidental but evidently related

to the specimens’ misalignment.

• The slope of the linear fit b for the different weld details and steel types cannot be

compared directly, since the residuals of each data set are influenced by the general

scatter of fatigue test results; yet, it is interesting to note that the absolute values

are all in the same order of magnitude. More importantly, if a correlation between

residuals of logarithmic number of cycles to failure to test temperature was obtained,
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the result always showed a positive effect of decreasing test temperature on fatigue

strength.

• Finally, the combined assessment of fatigue test data by means of bootstrapping

and jackknife approaches confirm that the number of test specimens of cruciform

joints and transversal stiffener was large enough to come to these conclusions. For

the cruciform joints, a much smaller number of specimens would have been sufficient

to confirm an effect of test temperature on fatigue strength; however, for the mildly

notched butt-welded joint specimens, more data might be useful to sufficiently con-

firm the temperature effect.





6
∣∣ Numerical fatigue assessment of

welded joints at sub-zero temperatures

based on the micro-structural support

effect hypothesis

6.1
∣∣ Introduction and scope of the numerical fatigue assessment

As the effect of temperature on fatigue strength has been proven statistically in the pre-

vious chapter, the following chapter focuses on the development of fatigue assessment

methods that are able to account for temperature effects on a sound physical basis.

Currently, state-of-the-art fatigue assessment methods in international standards and

guidelines for fatigue design of ships and offshore structures are all based on S–N ap-

proaches, cf. (EN 1993–1–9:2005; DNVGL-CG-0129; DNV GL Rules for Classification,

Ships, Pt. 3 Hull, Ch. 9 Fatigue 2019; ABS Guide for the Fatigue Assessment of Off-

shore Structures); nevertheless, effects that do not directly influence the respective stress

can only be incorporated via modification factors. These include thickness (Hobbacher

2017), environmental (Milella 2012), post-weld treatment and special welding techniques

(Yildirim et al. 2013; Baumgartner et al. 2019; Hensel et al. 2020), but also temperature

effects (BS 7910:2013+A1:2015; Hobbacher 2016). (Braun et al. 2020a)

From the statistical assessment and the comparison of S–N curves, it is possible to

derive modification factors for typical S–N approaches. This was, for example, presented

in Braun et al. (2020d) for fillet-welded joints with weld toe and root failure; yet, these
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factors are limited to individual fatigue assessment methods and failure locations. The

transferability to other methods or joint types is questionable.

In order to develop a general concept to account for temperature effects, two differ-

ent methods (the averaged strain energy density method and the stress averaging ap-

proach) were extended to cover temperature effects within fatigue assessment in Braun

et al. (2020a, 2021b). These two methods are thus reapplied in this thesis to study sub-

zero temperature fatigue strength of welded steel joints based on the micro-structural

support effect hypothesis in a comprehensive way that links and compares the two dif-

ferent approaches. Furthermore, a comparison of prediction accuracy to state-of-the-art

stress-based fatigue assessment methods is presented based on the results obtained in

Braun et al. (2020d).

The first is the stress averaging approach that is a method which has gained signifi-

cant interest in recent years, judging by the variety of applications (Benedetti et al. 2010;

Spaggiari et al. 2011; Zhang et al. 2012; Baumgartner et al. 2013, 2015; Louks and Susmel

2015; Schmidt et al. 2015; Li et al. 2016; Liinalampi et al. 2016; Al Zamzami and Susmel

2017; Karakaş 2017; Marulo et al. 2017; Al Zamzami and Susmel 2018; Baumgartner et al.

2018; Karakaş et al. 2018; Santus et al. 2018; Baumgartner et al. 2019; Beber et al. 2019;

Braun et al. 2019; Faruq and Susmel 2019; Luo et al. 2019; Muñiz-Calvente et al. 2019;

Baumgartner et al. 2020a; Braun et al. 2020e; Justo et al. 2020). The basic idea is that

the stress gradient in the vicinity of a stress raiser like a weld toe or root is averaged over

a micro-structural support length ρ∗ which reflects the support effect of the surrounding

material.

The second method is the averaged strain energy density method, which—similar to

the stress averaging approach—derives a fatigue-effective quantity by assessing the area

or volume around a stress raiser; nonetheless, instead of averaging the stress gradient, the

local elastic SED is averaged. This method has already been successfully applied to notch

fatigue at high temperatures, see (Berto et al. 2013, 2014; Gallo et al. 2015; Bourbita and

Remy 2016; Gallo and Berto 2016).
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6.2
∣∣ Consideration of misalignment effects within fatigue assessment

Before the assessment procedure and the results of both methods are presented, a short

introduction to how misalignment effects have been considered in the assessment shall

be given. This is an important aspect when assessing fatigue test results of welded joints,

as has previously been shown within the statistical assessment of fatigue test results in

Chapter 5.

Welded plates show varying axial (offset e) and angular misalignment (angle ϕ) along

the weld seam, due to the non-uniform heating and cooling process during welding. If a

fatigue test specimen containing misalignment is loaded under tension, secondary out-of-

plane bending stresses arise due to the non-linear geometry. Such effects are well known

to significantly affect fatigue strength and thus fatigue assessment, see (Maddox 1985;

Ferreira and Branco 1991; Andrews 1996; Lotsberg 2009; Dong et al. 2019; Ottersböck

et al. 2019). To improve fatigue assessment accuracy, all test results are corrected for their

misalignment-induced secondary bending stresses as these vary considerably between

specimens. (Braun et al. 2020b,d)

In this study, misalignment effects in fillet-welded joints are considered by a raised

nominal stress, which is derived from stress magnification factor equations presented in

the IIW recommendations (Niemi et al. 2018) and Section 3.4.1. For butt-welded joints

a procedure presented in Braun et al. (2020b) is applied. This method takes the reduc-

tion of seam sag during specimen clamping into account. Current recommendations do

not account for this effect, as it is limited to small-scale specimens and typically only pro-

nounced in thin butt-welded joints (thickness t ≤ 10 mm); yet, it has been shown to be

important for the fatigue assessment of butt-welded joints, see Robert and Fricke (2015)

and Ottersböck et al. (2018).

The level of misalignment included in fatigue design curves is sometimes not known or

can only be roughly estimated as for the SED method, see Fischer et al. (2016c). For typi-

cal stress-based methods, information of included misalignment levels are given in the IIW

recommendations (Hobbacher 2016) and for the stress averaging approach in Baumgart-

ner et al. (2015). Typically, design curves (i.e. FAT160 of the stress averaging approach) are

derived using specimens with limited misalignment, i.e. all specimens complied to EN ISO

5817:2014 quality level B, or were corrected for misalignment effects. The majority of this
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thesis’ specimens fulfil quality level B of EN ISO 5817:2014, with the exception of some

butt-welded joints. These, however, fulfil level C due to angular misalignment between 1°

and 2°. Due to the large range of misalignment levels, and thereby secondary bending

stresses, it is important to consider the actual stress state for fatigue assessment. (Braun

et al. 2021b)

For local and semi-local methods included in international standards (structural stress

and effective notch stress methods), a small constant stress increase due to misalignment

(magnification of 1.05) is considered to be covered by the design curves, see Hobbacher

(2016). For the SED method, a similar estimation was performed by Fischer et al. (2016c)

as the data used to derive these design curves came from the same database; nonetheless,

exact values are not known for all methods, e.g. Xiao and Yamada’s 1 mm stress approach

(Xiao and Yamada 2004a,b). As the level of already covered stress magnification is small

compared to the actual stress increase of some specimens of this study, no correction for

already covered misalignment is applied.

6.3
∣∣ Stress averaging approach

6.3.1
∣∣ Model development and averaging of stress gradients

The stress averaging approach based on Neuber’s idea of micro-structural support effect

(Neuber 1958) is one of the oldest fatigue assessment methods for notched components;

nonetheless, until a few years ago, it was rarely applied for welded joints due to compu-

tationally demanding FE simulations. With the increasing processing power of modern

computers, it can now be fairly easily applied within assessment routines for seam-welded

joints. Baumgartner et al. (2015) proposed two different methods of FE modelling for the

application of the stress averaging approach to welded joints. The first alternative is mod-

elling weld toes with the actual notch radii ρreal and the second is using a reference radius

ρref. Both ideas have proven to be successful for certain scenarios; yet, modelling seam

welds with the actual notch geometry is hindered by the high variation of weld geome-

try along the seam as well as difficulties in measuring the local weld geometry (i.e. weld

toe radius and weld toe angle), see (Hou 2007; Schork et al. 2018; Hultgren and Barsoum

2020; Niederwanger et al. 2020; Schubnell et al. 2020a; Renken et al. 2021). Thus, the
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constant reference radius of ρref = 0.05 mm is adopted in this study to be able to verify

the approach at room temperature based on the FAT160 design curve recommended by

Baumgartner et al. (2015).

The FEmodels of this study are either quarter or half models tomake use of the symme-

try of the weld details, see Figure 48. Due to small variations of weld geometry between

the test specimens, the median weld geometry obtained from Figure 28 was used to build

the butt-joint FE model. For the transversal stiffener model, a median weld flank angle of

about 138° was measured for both steel types (see Figure 29), which is slightly larger than

the typically assumed angle of 135°; still, an angle of 135° was used for the FE model for

the sake of comparability. Similarly, the cruciform joint model was built using a flank angle

of 135°. Using the correct throat thickness has a much higher impact on the local stress

state than the small variation of flank angle for these joints due to crack initiations at the

weld roots. Furthermore, the definition of the throat thickness based on Eq. (32) also ac-

counts for the actual flank angle. To simplify the assessment, the median throat thickness

was thus used to build the FE models (e.g. ath = 5.71 mm for the S235 cruciform joints);

nonetheless, the actual throat thickness of each specimen is used to calculate the nominal

stress (Braun et al. 2020a).

Figure 48. FE models of butt-welded joint (a), transversal stiffener (b), and cruciform joints speci-
mens, with a root gap opening angle of 0.01° to simulate a weld root opening angle of almost zero
degrees

The depth of the root gap was estimated to be equal to the plate thickness (i.e. full

lack of penetration) based on the macrographs presented in Figure 18. Finally, the root

gap opening angle was set to 0.01° to simulate a weld root opening angle of almost zero



6
∣∣ Fatigue assessment based on the micro-structural support effect hypothesis 100

degrees. Due to the small angle only the end of the keyhole is visible in Figure 48(c). At

some weld roots higher opening angles are observed; nevertheless, it is assumed that the

opening angle approaches zero degrees at several locations along the weld root seam.

A similar modelling procedure was adopted in (Baumgartner et al. 2015; Schmidt et al.

2015; Baumgartner et al. 2019); yet, Baumgartner et al. (2015) and Schmidt et al. (2015)

based their models on averages of measured geometrical features. The difference in ef-

fective stress caused by the difference between mean and median, however, is thought

to be negligible relative to the scatter of fatigue test results related to variations in local

weld toe radii and angle. Fatigue cracks typically initiate at extreme values (e.g. smallest

radius) rather than the mean or median quantities of geometry, see (Hou 2007; Hultgren

and Barsoum 2020; Niederwanger et al. 2020). The median was selected over the mean as

it is less sensitive to extreme values caused by local variations or incorrect measurements.

For mesh refinement, the recommendations developed in (Braun et al. 2020e) are

adopted. In this study, it was concluded that 24 elements per 360° with a quadratic shape

function are sufficient for weld toes (135° opening angle) and 32 elements per 360° for

weld roots (Braun et al. 2020e). Moreover, typical material parameters for linear elastic

FE simulations are applied, i.e. a Young’s modulus E = 206 GPa and a Poisson’s ratio

ν = 0.3. To assess the varying nominal stresses applied to the test specimens, a unit stress

is applied to the free edge of the FE model and subsequently scaled in post-processing

(including the stress magnification due to misalignment).

Next, the location of maximum stress along the weld toe or root radius is determined

and the maximum principal stress is averaged perpendicular to the direction of maximum

principal stress. This is performed using scripts in Matlab. Examples of the stress gradi-

ents obtained for the S235 specimens are presented in Figure 49. The abbreviation ’WT’

denotes the failure location weld toe of the S235 butt-welded joints. Besides recommen-

dations for mesh refinement, an efficient way of curve fitting for steep stress gradients, by

piecewise cubic hermite interpolating polynomial (PCHIP) curve fitting, was suggested in

Braun et al. (2020e), which is here adopted.

From Figure 49(b), the typical difference in effective stress gradient at weld toes and

roots can be observed. Assuming a micro-structural support length of ρ∗ = 0.4 mm, a 30%

higher normalized effective stress is obtained for transversal stiffener specimens compared

to the cruciform joints, see Bruder et al. (2012).
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Figure 49. First principal stress gradients of the three analysed S235J2+N weld geometries (a) and
normalized by the peak stress for the different specimen types (b), adopted from Braun et al. (2021b)

In order to derive the micro-structural support length ρ∗, the inverse problem is solved

as explained in Section 2.4. For this purpose, the stress gradient is averaged according

to Eq. (2) over increasing values of ρ∗ and plotted into an S–N curve. By doing so, ρ∗ is

varied in the range of 0.05 to 1 mm in 0.025 mm steps. For each micro-structural support

length ρ∗, a new S–N curve is calculated by linear regression using a fixed slope exponent

k = 3 (typical for welded joints) as presented in Section 4.1. Finally, the value of ρ∗ that

leads to the least scatter is assumed to correspond to the micro-structural support length

ρ∗ (see Baumgartner et al. (2015)).

Baumgartner et al. (2015) and Marulo et al. (2017) applied fixed slopes k = 4 and k

= 5.63 for their assessment since the dataset consisted mainly of thin-walled specimens

(thickness t < 10 mm). In a more recent study, Baumgartner et al. (2019) again applied a

fixed slope k = 4, since post-weld treated joints are usually more realistically represented

by S–N curves with slopes k > 3 (cf. (Yıldırım 2015; Braun et al. 2018; Ahola et al. 2021;

Braun and Wang 2021)). In the current study, a slope k = 3 is chosen since it agrees well

with the majority of nominal stress S–N curve slopes (mean slope exponent of all S235 test

series k = 3.23, see Table 4). This is furthermore in line with recommendations for welded

joints by the IIW (Hobbacher 2016) and only slightly below recent findings by Baumgartner

et al. (2020a), who obtained average slope exponents between k = 3.5 and k = 4.1 for

transversal stiffener type specimens and butt-welded joints with thickness t ≥ 10 mm,

respectively.
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6.3.2
∣∣ Assessment results at room temperature

The results for the S235 specimens tested at room temperature are presented in Figure

50 for ρ∗ = 0.475 mm, i.e. the value that yields the minimum scatter ratio 1/Ts based

on Eq. (3). The notation of Section 4.4 was reapplied to distinguish test series, i.e. ‘T’

for transversal stiffener, ‘C’ for cruciform joint, and ‘B’ for butt-welded joint specimens.

On the right side of Figure 50 the change of the scatter ratio 1/Ts and reference fatigue

strength ∆σR,97.7% (Nf = 2× 106 cycles and Ps = 97.7%) are presented for varying values

of ρ∗. Furthermore, the shaded area corresponds to the region enclosed by the curves for

10% and 90% survival probability (i.e. the curves that define the scatter ratio 1/Ts). (Braun

et al. 2021b)
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Figure 50. S–N curve obtained for stress averaging the S235J2+N room temperature fatigue test
data for the minimum scatter ratio 1/Ts at ρ∗ = 0.475 mm (left) and change of fatigue strength
and scatter ratio over micro-structural support length ρ∗ (right), for R = 0 and based on Braun et al.
(2021b)

First of all, the assessment leads to a plateau of almost equal micro-structural support

lengths ρ∗ in the range 0.3 to 0.55 mm, thus making it difficult to correctly determine
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the micro-structural support length ρ∗ at room temperature. The micro-structural support

length ρ∗ = 0.475 mm that led to the minimum scatter ratio (1/Ts) is found to be close

to the typically assumed value for welded joints of ρ∗ = 0.4 mm (cf. (Radaj 1990; Lazzarin

et al. 2004; Radaj et al. 2006, 2013; Baumgartner et al. 2015; Baumgartner 2017)). Con-

sequently, to be able to compare the results with results from the literature, the fatigue

test results at room temperature are presented in Figure 51 for a micro-structural support

length ρ∗ = 0.4 mm.
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Figure 51. S–N curve obtained for stress averaging the S235J2+N room temperature fatigue test
data for ρ∗ = 0.4 mm (left) and change of fatigue strength and scatter ratio over micro-structural
support length ρ∗ (right), for R = 0 and based on Braun et al. (2021b)

In general, the majority of test specimens are placed above the recommended design

curve FAT160. Only six specimens are found to be below this curve and all of them are

butt-welded joints. This is likely to be related to the mild notches at the S235J2+N weld

toes (i.e. large weld toe radii and opening angles), see Figure 18. Mildly notched weld

details with stress concentration factors (Kt < 1.6) are also known to cause inaccuracies

in the effective notch stress method, see (Pedersen et al. 2010; Fricke 2012; Rother and
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Fricke 2016; Collmann and Schaumann 2018); nonetheless, the results are only slightly

below the reference curve. This agrees well with the expectation by Baumgartner (2017)

that even flush-ground butt joints can be assessed by the FAT160 without being overly

non-conservative. The butt-welded joints of this study were not ground, but the flux-

cored arc welding process produces joints with large weld toe transition radii that yield a

fatigue strength similar to ground butt-welded joints, see Figure 32.

6.3.3
∣∣ Assessment results at sub-zero temperature

The test results obtained at −20 °C and −50 °C are presented in Figure 52 and Figure

53 for the micro-structural support length ρ∗ that leads to the minimum respective scatter

ratio 1/Ts. Similar to the room temperature results, a small number of butt-welded joints

lie below the FAT160 reference curve at −20 °C. The majority of specimens are, however,

again positioned above the FAT160 design curve.
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Figure 52. S–N curve obtained for stress averaging the S235J2+N fatigue test data obtained at
−20 °C for the minimum scatter ratio 1/Ts at ρ

∗ = 0.65 mm (left) and change of fatigue strength
and scatter ratio over micro-structural support length ρ∗ (right), for R = 0 and based on Braun et al.
(2021b)
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Figure 53. S–N curve obtained for stress averaging the S235J2+N fatigue test data obtained at
−50 °C for the minimum scatter ratio 1/Ts at ρ

∗ = 0.725 mm (left) and change of fatigue strength
and scatter ratio over micro-structural support length ρ∗ (right), for R = 0 and based on Braun et al.
(2021b)

The welded joints made of S500G1+M have not been included in the assessment by

means of stress averaging approach, due to material strength-related differences in fa-

tigue strength. The difference in fatigue strength of between S235 and S500 butt-welded

joints, measured between 13% and 25% depending on test temperature. Thus, the ma-

terial strength of the S500G1+M butt-welded joints has an over-proportional effect on

the estimated micro-structural support length ρ∗ due to the small number of different test

series for each temperature. This can be assessed by including an additional fitting pa-

rameter for material strength (see Baumgartner et al. (2019)) or by applying a correction

formula (see Braun et al. (2020f)); however, the S–N curve assessment of the S500G1+M

butt joints using a free slope exponent also led to a slope exponent k which was much

higher than for the other weld details, see Table 4. This would lead to a high uncertainty

regarding a suitable slope exponent for the assessment by means of the stress averaging

approach. These effects are further discussed in Section 7.2.1. Furthermore, assessing
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only the data of the fillet weld details was found to result in a high uncertainty of pre-

dicted micro-structural support length ρ∗, as the remaining amount of test data was too

small to apply the stress averaging approach.

Fatigue test data and the results of fatigue assessment studies are typically presented

for a high stress ratio of R = 0.5 to simulate high residual stresses in full-scale structures.

Also, the FAT160 curve was defined for this stress ratio. The results of the stress averaging

approach are here not corrected to this stress ratio as it was found that the chosen stress

ratio correction factor (i.e. according to the IIW recommendations (Hobbacher 2016)) had

a significant effect on the estimated micro-structural support lengths ρ∗. Furthermore, it

was not possible to determine the stress ratio influence for all test series experimentally,

among other reasons, because this is not possible for the S235 butt-welded joints due to

the low yield strength and simultaneous high fatigue strength. Accurately determining a

suitable correction factor is thus not possible.

Table 5. Summary of stress averaging results for R = 0 and minimum scatter ratio 1/Ts

Temperature
Micro-structural Characteristic Scatter
support length fatigue strength ratio

ρ∗ [mm] ∆σR,97.7% [MPa] 1/Ts
RT 0.475 135.0 1.550

−20 °C 0.65 131.2 1.571
−50 °C 0.725 146.3 1.451

The results of the stress averaging approach are summarized in Table 5. Interestingly,

the estimated micro-structural support lengths ρ∗ that lead to the minimum respective

scatter ratio 1/Ts increase with decreasing test temperature. This is in contradiction to the

prediction based on Neuber’s diagram for yield strength effect onmicro-structural support

lengths ρ∗ for various metallic material (Figure 9). Clearly, the yield strength of the steels

increases with decreasing temperature, see Table 3. Hence, the assumption was made

that an increase in yield strength should lead to a decrease in micro-structural support

lengths ρ∗. In fact, the opposite behaviour is observed from the fatigue tests at −20 °C

and −50 °C. As a consequence, Neuber’s diagram is not applicable to relate temperature

induced variations of static material properties to the micro-structural support effect. By

means of fatigue assessment based on the SED method, it will be investigated whether

this effect is systematic or observed by coincidence.
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6.4
∣∣ Averaged strain energy density method

6.4.1
∣∣ Model development for the averaged strain energy density method

There are a number of studies available in the literature that applied the SED method to

mildly notched components, but only a few that investigatedmildly notched welded joints,

see Foti and Berto (2020a,b). The typical field of application are weld details with sharp V-

type notches—as they formed the basis for the development of the N-SIF method, which

later laid the foundation for the SEDmethod. As the butt-welded joints of this study violate

the underlying assumption of the N-SIF method (i.e. sharp notches with small weld toe

radii, see Berto and Lazzarin (2009)), they have been excluded from the assessment based

on the SED method; nonetheless, the data for both steel types was assessed together

since the material strength does not influence the fatigue strength of weld details with

sharp notches (see Maddox (2002)).

(b) (a) 

Rc

Rc

Figure 54. Mesh at weld toe (a) and weld root (b) of a fillet-welded joint generated by free mesh
algorithm; root gap opening angle is enlarged for visualization purposes

The FE models for the application of the SED method are based on recommenda-

tions by Fischer et al. (2016a). Initially, a fixed mesh pattern was proposed, however, they

showed that the approximation error is negligible (below 3%) even for relatively coarse

meshes (Fischer et al. 2016a). Two recent studies by Foti et al. (2020) and Foti et al. (2021)

support this result. The local FE meshes for the assessment of transversal stiffeners and

cruciform joints with weld toe and weld root failure, respectively, are presented in Fig-
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ure 54. The size of the control radii RC is based on the aforementioned reassessment by

Fischer et al. (2016b,c), i.e. 0.32 mm at the weld toe and 0.325 mm at the root, consid-

ering an increased ∆KN
1 = 231 MPa mm0.326 and ∆σ0 = 1.05 × 155 MPa which aims to

account for misalignment effects. The parameters that are used to calculate the control

radii according to Eq. (16) are summarized in Table 6.

Table 6. Calculation of control radii RC for room temperature based on Fischer et al. (2016c) and
taken from Braun et al. (2020a)

Weld toe Weld root
2α 135◦ 0◦

e1 0.118 0.133
λ1 0.6736 0.5

∆KN
1 231 MPa mm0.326 180 MPa mm0.5

∆σ0 1.05 × 155 MPa 1.05 × 155 MPa
RC 0.32 mm 0.325 mm

Axial and angular misalignment effects were considered in the same way as for the

stress averaging approach, i.e. by multiplying the applied nominal stress with a stress

magnification factor km obtained according to IIW recommendations (Niemi et al. 2018).

To accurately represent the nominal stress state in the throat section, the median weld

throat thickness is used in the FE models of the cruciform joints (i.e. ath = 5.71 mm

and ath = 5.85 mm for S235 and S500 cruciform joints, respectively). Before the SED

method is extended to sub-zero temperatures, parameters derived from tests at room

temperature are applied to quantify the deviation between room temperature and sub-

zero temperature results. For this goal, the typical material parameters for steels with

Young’s modulus of 206 GPa and Poisson’s ratio ν = 0.3 are applied again.

6.4.2
∣∣ Assessment based on parameters derived at room temperature

The results in terms of averaged strain energy density ∆W are shown in Figure 55. To

distinguish between failure location, abbreviations are used, i.e. ‘WT’ for weld toe failure

(transversal stiffeners) and ‘WR’ for weld root failure (cruciform joints). Furthermore, the

steel grades are differentiated by filled symbols for S500 steel and empty symbols for S235

steel. The colour scheme for the three test temperatures is adopted from earlier chapters,

i.e. black for room temperature, red for −20 °C, and blue for −50 °C.
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First of all, the majority of fatigue test results fit nicely into the scatter band for welded

joints proposed by Lazzarin et al. (2003); nevertheless, the fatigue strength of the tests at

sub-zero temperatures approach and partially exceed the upper limit of the scatter band.

Interestingly, a higher fatigue strength is observed for transversal stiffeners compared to

cruciform joints. This is in line with results obtained by Fischer et al. (2016b,c) and thought

to be related to the difference in the crack initiation to propagation ratio of both joint

types.
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Figure 55. Results for sub-zero temperatures with room temperature control radii for weld toe and
root failure (RC,WT = 0.32 mm and RC,WR = 0.325 mm) (a) and comparison of experimental and
predicted cycles to failure (b), adopted from Braun et al. (2020a)

Next, ameasure of the goodness-of-fit between the experimentalNf and the predicted

cycles to failure Nf,pred is derived to quantify the increase in deviation for decreasing test

temperature. Pearson correlation coefficients rxy, which were applied in Chapter 5, but

also the coefficient of determination R2, are not suitable to determine the quality of the

model as they standardize the variance of data (Legates and McCabe 1999). To compare

experiments andmodel predictions, root-mean-square error or mean absolute error based

on the difference from the line of equality are well suited, see Legates andMcCabe (1999).

The results for deviation between the experimental Nf,exp and the predicted cycles to

failure based on the lower bound of the scatter band (Nf,pred,97.7%) are displayed in Figure

55(b).

As the fatigue life is log-normal distributed, the logarithmic deviation (dev) is applied
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in this study to further quantify the difference. Contrary to the stress averaging approach,

a different approach is chosen here as it permits an easy comparison with state-of-the-art

fatigue assessment methods. The logarithmic deviation (dev) is calculated with:

dev = logNf,exp − logNf,pred,97.7% (37)

The distributions of the logarithmic deviations are presented in Figure 56 for the three

different test temperatures and separated by failure locations. The reason for this is the

large difference between predicted and experimental number of cycles to failure for both

failure locations and thereby deviation parameters (dev). The parameters µWT and µWR

refer to the mean deviation for specimens showing weld toe and weld root failure, i.e. the

peak of the fitted normal distributions. (Braun et al. 2020a)
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Figure 56. Deviation between experimental and predicted cycles at room temperature (RT), 20 °C,
and 50 °C for the two different failure locations and control radii (RC,WT = 0.32 mm and RC,WR =
0.325 mm), taken from Braun et al. (2020a)

The distributions of the logarithmic deviations, presented in Figure 56, further highlight

the difference in fatigue strength assessment for cruciform joint (WR failure) and transver-

sal stiffener (WT failure) specimens. Interestingly, the difference between both specimen

types and the corresponding failure locations (weld toe and weld root) decreases with

decreasing temperature. This is related to the higher increase in fatigue strength with

decreasing temperature for the cruciform joints, cf. Figure 36.

Except for a small number of cruciform joints, the majority of the fatigue test results of

transversal stiffeners and cruciform joints can safely be assessed with the original standard

scatter band of the SED method; yet, the increasing deviation between the experimental

Nf,exp and the predicted cycles to failureNf,pred,97.7% leads to unnecessary conservatism.
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Hence, the following section will present a concept to include temperature effects based

on material parameters for sub-zero temperatures. This concept is subsequently linked

and assessed by means of the micro-structural support effect hypothesis and the sub-

zero temperature fatigue crack growth threshold data presented earlier. The need for

modification factors or new scatter bands is therefore avoided.

6.4.3
∣∣ Extension of the strain energy density method to sub-zero

temperatures

In Section 2.5.2, the relation between the SED method and the micro-structural support

effect hypothesis was presented. This relation is based on the El Haddad-Smith-Topper

parameter a
′
, which describes the transition between short and long fatigue crack arrest.

Recalling Eq. (11), the El Haddad-Smith-Topper parameter a
′
is related to the fatigue

strength of physically short cracks and is defined by the fatigue limit of smooth specimens

∆σ0 and threshold of fatigue crack growth rate∆Kth. It is well known that∆Kth increases

with decreasing temperature as long as the temperature remains above the fatigue tran-

sition temperature (see Figure 5); nonetheless, the fatigue limit of smooth specimens∆σ0

is also expected to increase with decreasing temperature as weld details with mild and

sharp notches showed an increase in fatigue strength, see Chapter 4. This agrees with

the results of the majority of studies for base materials and mildly notched butt-welded

specimens at sub-zero temperatures, see (Liaw et al. 1985; Shulginov and Matveyev 1997;

Kang et al. 2009; Jung et al. 2013; Kim et al. 2018; Zhang et al. 2018b; Viespoli et al. 2019;

Wang et al. 2021).

Howmuch each of the two parameters changes decides whether the El Haddad-Smith-

Topper parameter a
′
increases, decreases, or remains the same. An experimental deter-

mination of the El Haddad-Smith-Topper parameter a
′
for different temperatures would

require a tremendous amount of fatigue tests, see (El Haddad et al. 1979; Wormsen 2007;

Wormsen et al. 2008). The change of micro-structural support effect at sub-zero temper-

atures is consequently assessed by estimating the El Haddad-Smith-Topper parameter a
′

from the fatigue test data of welded joints presented in this study. The relation between

the size of the SED control radius RC and the El Haddad-Smith-Topper parameter a
′
will

be applied for this aim.
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Similarly to solving the inverse problem of the stress averaging approach, control radii

RC are derived that fit the sub-zero temperature fatigue data the best. The control radii

RC that lead to the same mean deviations (µWT , µWR) as for room temperature, based on

Eq. (37), are expected to reflect the change of support effect at sub-zero temperatures.

A similar attempt was presented by Berto et al. (2014). They have shown that fatigue test

data of notched components at room temperature and high temperatures (up to 500 °C)

can be summarized in one scatter band for one control radius by introducing a notch

sensitivity function Q (T). As the notch sensitivity changed at 650 °C, a separate scatter

band with a different slope had to be proposed for this temperature. This was attributed

to the change in material behaviour due to the test temperature being above the heat-

treatment temperature, see Berto et al. (2014).

Although the fracture surface investigation of the current study revealed brittle fracture

behaviour for some weld details at sub-zero temperatures, it is here assumed that the

chosen approach is feasible, since the majority of fatigue life is dominated by early crack

growth in the vicinity of the weld toe and root notch. Once brittle fracture occurred, the

remaining fatigue life would have been rather short even without brittle failure. It is thus

assumed that the original scatter band for welded joints can also be applied for sub-zero

temperatures, including specimens which showed brittle final fracture.

Besides the control radius, the Young’s modulus E also affects the averaged elastic

strain energy density. In this study it is assumed that the Young’s modulus changes by 10

GPa for every 100 °C of temperature change (cf. (Outinen and Makelainen 2004; Wang

et al. 2013; Paik et al. 2017; Wang et al. 2020; Zhao et al. 2020a)), which agrees with data

for high temperatures below the creep limit in international standards and supporting

documents (BS 7910:2013+A1:2015; ASME BPVC Section II D - Properties). Interestingly,

these standards assumed a smaller change for sub-zero temperatures than for high tem-

peratures; however, the reason for this is not apparent and does not agree with data by

Paik et al. (2017) and Wang et al. (2020). Therefore, a Young’s modulus of 202 GPa is

adopted for the assessment at −20 °C and 199 GPa for −50 °C.

To highlight the increasing deviation between the experimental Nf,exp and the pre-

dicted cycles to failure Nf,pred,97.7% with decreasing test temperature, the logarithmic

mean deviations (µWT , µWR) are presented in Figure 57(a) for the two failure locations

(weld toe and root). The vertical lines around the mean value represent the standard de-
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viation obtained from the distributions in Figure 56. Clearly, an almost linear increase is

observed for both failure locations as the test temperature decreases. Hence, an averaged

deviation relative to room temperature is shown in Figure 57(b)—including the change per

temperature (illustrated by the slope triangle). (Braun et al. 2020a)
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Figure 57. Deviation between experimental and predicted cycles to failure (a), average deviation
relative to room temperature (b), deviation as a function of control radius RC for −20 °C (c) and
−50 °C (d), control radii as a function of temperature (e), and normalized elastic strain energy density
Ŵ as a function of the control radii (f), adopted from Braun et al. (2020a)

Next, control radii RC suitable for SED-based assessment at sub-zero temperatures are

derived by finding the radii that yields the same mean deviation (µWT , µWR) as for room

temperature. This is achieved by varying the control radii RC for weld toe and root assess-

ment from 0.3 to 0.53 mm and calculating the corresponding mean deviation, which is pre-

sented in in Figure 57(c) and (d) for −20 °C and −50 °C, respectively. The symbols (circle

and triangle) mark those radii that match the mean deviation observed at room tempera-

ture. Assessing the results for various control radii, a logarithmic relation between mean

deviation and control radii is observed (also included in the figures). Next, the resulting

control radii are presented as a function of temperature in Figure 57(e) and curve fitted

considering the control radii at room temperature as fixed points. The so obtained radii

are summarized in Table 7.
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Table 7. Control radii RC for both failure locations and all three test temperatures

Temperature Weld toe control radius Weld root control radius
T RC,WT RC,WR

RT 0.32 mm 0.325 mm
−20 ◦C 0.37 mm 0.41 mm
−50 ◦C 0.41 mm 0.51 mm

These control radii can be used to generate a general description of control radii for

welded joints with weld toe and root failure as a function of temperature in °C:

Weld toe failure (2α = 135◦) : RC,WT = 0.32e−0.0036(T−20), for T in °C (38)

Weld root failure (2α = 0◦) : RC,WR = 0.325e−0.0064(T−20), for T in °C (39)

; nevertheless, varying the control radii during fatigue assessment for the various design

temperatures a structure will be exposed to is rather time consuming. Thus, a modifica-

tion function is derived, which reflects the effect of varying the control radii. Contrary to

empirical modification factors for stress-based fatigue assessment methods, this modifica-

tion function can be linked directly to the micro-structural support effect hypothesis. This

is achieved by using the control radius size effect on the averaged strain energy density,

i.e. the percentage change of W with respect to RC (W (RC)). By doing so, a normalized

elastic strain energy density Ŵ is introduced by dividing W (RC) with the corresponding

averaged strain energy density for control radii RC,WT = 0.32mm and RC,WR = 0.325mm.

This relation is presented for the weld toe and root control radii in Figure 57(f). Finally,

the temperature modification function M (T) for SED-based fatigue assessment of weld

toe and weld root failure is obtained by inserting Eq. (38) and Eq. (39) in the respective

equation given in Figure 57(f):

M (T) =


(
e−0.0036(T−20)

)−0.64
: if 2α = 135◦(

e−0.0064(T−20)
)−0.97

: if 2α = 0◦
, for T in ◦C (40)

This temperature modification function allows a fatigue assessment of welded joints at

sub-zero temperatures with the same scatter band as proposed for room temperature. By
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modifying averaged strain energy density ranges (∆W (T = RT))—calculated using param-

eters for room temperature—with M (T), corresponding ∆W for temperatures different

from room temperature are obtained with:

∆W (T) = M (T)×∆W (T = RT) , for T in °C (41)

In Figure 58, the results for the adjusted control radii, together with the original∆W−N

scatter band, are presented, but using the temperature modification function would have

yielded the same results. As can be seen from the results, no visible difference between

test temperatures can be noted.
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Figure 58. Results for sub-zero temperatures with control radius RC (T) adjusted to sub-zero tem-
peratures, adopted from Braun et al. (2020a)

Contrary to the results obtained using control radii, which are based on fatigue tests

performed at room temperature (see Figure 55), the majority of fatigue test results are

now inside the proposed scatter band for welded joints; however, the results for cruciform

joints are partially below the scatter band, i.e. below the∆W−N curve for 97.7% survival

probability. This, however, is expected as the room temperature results are already scat-

tered around the lower boundary of the scatter band and in line with results by Fischer

et al. (2016b,c) for the same specimen type and same plate thickness (t = 10 mm).
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Table 8. Comparison of the mean deviations of weld toe and root data for fatigue assessment
with control radii obtained from room temperature data and with radii RC (T) adjusted for sub-zero
temperatures

Temperature SED RC (T = RT) SED RC (T)
T µWT Difference µWR Difference µWT Difference µWR Difference
RT 0.91 – 0.09 – 0.91 – 0.09 –

−20 °C 1.08 18.9% 0.45 389% 0.92 0.3% 0.09 −6.5%
−50 °C 1.20 31.9% 0.78 756% 0.91 −0.1% 0.07 −28.1%

In summary, the SED method was extended to capture temperature effects on fatigue

strength, due to the link between the size of the control radius RC and the change in mean

deviation between experimental Nf,exp and predicted cycles to failure Nf,pred,97.7% for

decreasing temperatures. Using control radii RC (T = RT) obtained from room tempera-

ture data, a steady increase in mean deviation is observed for sub-zero temperatures, see

Table 8. By adjusting the control radii to sub-zero temperatures, the difference in mean

deviation—between room and sub-zero temperatures—for weld toe failure (transversal

stiffener specimens) is reduced from 18.9% at −20 °C and 31.9% at −50 °C to 0.3% and −
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Figure 59. Deviation between experimental and predicted cycles at room temperature (RT), 20 °C,
and 50 °C for the two different failure locations and modified control radii RC (T) for sub-zero tem-
peratures

6.4.4
∣∣ Assessment of the results using data of material fatigue

Next, 1) the feasibility of the adjusted control radii RC (T) and the temperature modifi-

cation function for sub-zero temperatures and 2) the link of the control radii RC to the

micro-structural support effect hypothesis via the El Haddad-Smith-Topper parameter a
′

are investigated.
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Recalling Section 2.5.2, the control radius RC for welded joints was originally derived

for room temperature data of mode I N-SIF fatigue strength for notched component∆KN
1

and the fatigue limit of flush-ground butt welds∆σ0, see Eq. (16). Deriving representative

data for sub-zero temperatures would be a challenging task, given the typically high scat-

ter in fatigue strength of ground welded joints, and is outside the scope of this thesis; yet,

in order to evaluate the results a comparison is performed in this thesis. For this goal, the

fatigue limit of flush-ground butt welds at sub-zero temperatures ∆σ0 (T) is estimated us-

ing previously presented data and compared to fatigue test data of the S500 butt-welded

joints. The reason for this is the comparable fatigue strength of the S500 butt joints with

flush-ground butt joints found in the literature. Furthermore, the free slope exponents k

were larger than four for all three test temperatures, see Table 4.

In Section 2.5.4, the relation between the SED method and linear elastic fracture me-

chanics was presented. As can be seen from Eq. (24), a linear relation between the stress

intensity factor for mode I (KI) and the mode I N-SIF KN
1 exists. As a consequence, it can

be assumed that the N-SIF threshold value ∆KN
1,th (usually referred to as mode I N-SIF

fatigue strength for notched component ∆KN
1 at 5 × 106 cycles) is also linearly related to

the long fatigue crack growth threshold∆Kth. This permits an estimation of the change of

∆KN
1 with temperature from the threshold of fatigue crack growth rate ∆Kth at sub-zero

temperatures.

Based on the data presented in Figure 5(b) and normalized mean slope k∆Kth,norm
=

−0.0033 MPa
√
m/°C, an increase of ∆KN

1 of about 12% at −20 °C and 21% at −50 °C

is estimated relative to room temperature. From the change of ∆KN
1 , the corresponding

change in fatigue limit of flush-ground butt welds∆σ0 (T) is estimated that fulfils themicro-

structural support effect hypothesis, under the assumption of the correct estimation of

changing control radii RC (T). This is achieved by rearranging Eq. (16):

∆σ0 (T) =

√
2e1∆KN

1 (T)

RC (T)
1−λ1

(42)

The estimated plain specimen fatigue strength (by inserting the calculated control radii

RC and mode I N-SIF fatigue strength for notched component ∆KN
1 ) is presented in Table

9. As expected, the estimated fatigue strength of smooth (flush-ground) butt-welded

joints ∆σ0 (T) increases at sub-zero temperatures, which is in line with the obtained test
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results for all weld details in Chapter 4.

Table 9. Estimates of fatigue strength of smooth (flush-ground) butt-welded joints ∆σ0 (T) at sub-
zero temperatures at Nf = 5× 106 (R = 0, Ps = 50%), according to Eq. (42)

Temperature Weld toe (e1 = 0.118, λ1 = 0.6736) Weld root (e1 = 0.133, λ1 = 0.5)
T ∆KN

1 (T) RC,WT (T) ∆σ0 (T) Deviation ∆KN
1 (T) RC,WR (T) ∆σ0 (T) Deviation

MPa mm0.5 mm MPa to RT MPa mm0.5 mm MPa to RT
RT 210 0.32 155.0 – 180 0.325 155.0 –

−20 °C 1.12 × 210 0.37 158.0 +2% 1.12 × 180 0.41 162.4 +5%
−50 °C 1.21 × 210 0.41 165.1 +7% 1.21 × 180 0.51 157.3 +1%

As mentioned earlier, determining the El Haddad-Smith-Topper parameter a
′
for sub-

zero temperatures experimentally (see (El Haddad et al. 1979; Wormsen 2007; Wormsen

et al. 2008)), and in particular the fatigue testing of plain butt-welded specimens, would be

a complex and costly task (see Fischer (2016) and Fischer et al. (2016c)). Instead, the results

of the S500 butt-welded joints are used to evaluate the estimates of fatigue strength of

smooth (flush-ground) butt-welded joints ∆σ0 (T) at sub-zero temperatures presented in

Table 9.
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Figure 60. S-N results of S500 butt-welded joints assessed with a fixed slope exponent of k = 3.75,
adopted from Braun et al. (2020a)

Due to the large weld toe radii (up to 3 mm) and flank angles (130° to 170°), the fatigue

strength of this test series is quite close to the fatigue strength of ground-flush butt-welded

joints presented in Table 1. The fatigue test results of the S500 butt-welded joints shown

and discussed in Chapter 4 are thus re-evaluated using a fixed slope exponent k = 3.75

(according to the recommendation by Atzori and Dattoma (1983)), see Figure 60. Besides
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the experimental data, the curve with reference fatigue strength of 155 MPa is included as

reference. The results match the estimates—presented in Table 9—well, in particular for

weld toe failure at −20 °C and −50 °C (2.6% and 2.1%, respectively) and weld root failure

at −20 °C (-0.2% ). A slight deviation from the prediction is obtained for weld root failure

at −50 °C (7.1% ). For this temperature, a reduction in plain specimen fatigue strength is

predicted. This is in contrast to the general trend of increasing fatigue strength at sub-

zero temperatures. The reason for this is related to the large estimated control radius.

Compared to the estimated weld root radius, the radius for weld root failure increases

almost twice as much from room temperature down to −50 °C. This will be discussed in

more detail in Chapter 7. Nonetheless, given the uncertainty of the various influencing

factors, and in particular the change of fatigue crack growth rate threshold ∆Kth at sub-

zero temperatures, the deviation between the estimates and the fatigue strength of the

S500 butt-welded joint reference seems marginal. (Braun et al. 2020a)

The derived sub-zero temperature control radii RC (T) can be further used to estimate

the El Haddad-Smith-Topper parameter a
′
at sub-zero temperatures. Recalling Eq. (12)

and Eq. (17), both parameters are assumed to be linearly related. Hence, from the increase

of control radii a subsequent increase of the El Haddad-Smith-Topper parameter a
′
with

decreasing temperature would be expected. This assumption is based on the idea that

one SED scatter band should be representative for fatigue data under different conditions.

In general, the estimated increase of control radii agrees with the general understand-

ing of the SED method for fracture assessment. Lazzarin et al. (2003) states that RC is

smaller for more brittle materials. The fatigue strength of bcc materials increases with de-

creasing test or operating temperature, as long as the temperature is above the fatigue

transition temperature. Consequently, an increase of the El Haddad-Smith-Topper param-

eter a
′
with decreasing temperature agrees well with the fatigue behaviour of materials

that show a fatigue transition behaviour.

6.5
∣∣ Estimation of the change of micro-structural support effect

based on the generalized Kitagawa-Takahashi diagram

Another possibility to estimate the change of micro-structural support effect based on the

control radii of the SED method is given by the generalized Kitagawa-Takahashi diagram.
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As has been shown in Section 2.5.4, the El Haddad-Smith-Topper ‘intrinsic’ crack length a
′

can also be derived from the characteristic length parameter of V-notched component aN ′

for varying V-notch opening angles through the shape coefficient α ′
ξ. Recalling Eq. (11)

and Eq. (28), aN ′
and a

′
are similarly determined and both depend on the SIF threshold for

long cracks∆Kth and the plain specimen fatigue strength∆σ0. Thus, their relation will be

used to estimate the change of micro-structural support effect at sub-zero temperatures.

By inserting the relation between the N-SIF threshold∆KN
1,th and the SIF threshold for

long cracks∆Kth (Eq. (29)) into Eq. (28), the characteristic length parameter of V-notched

component aN ′
can be determined with:

aN ′
= π

−1
2ξ

∆K2
th

∆σ2
0

β
1
ξ (43)

where ξ is the degree of singularity of Williams’ stress equation for mode I and β a geo-

metrical correction factor depending on the notch opening angle 2α that was calibrated

for different local fatigue assessment methods.

Atzori et al. (2005) proposed three different methods to derive aN ′
by determining

β. Here, the values reported for the SED method are applied to enable a comparison

with more recent results by Atzori et al. (2008). Alternatives are mentioned in Section

2.5.4, but will not be considered as the difference between them is marginal for opening

angles between 90° and 150° (Atzori et al. 2005). Following Atzori et al. (2008), a long

fatigue crack threshold ∆Kth = 180MPa mm0.5 (5.7 MPa m0.5) is applied (cf. Radaj (1990)

and Livieri and Lazzarin (2005))7 in conjunction with the fatigue strength of the S500 butt-

welded joints at Nf = 5 × 106 (R = 0, Ps = 50%, k = 3.75), and ξ = 0.5 and ξ = 0.3264

for 0° and for 135°, respectively. The estimates for the characteristic length parameter of

V-notched component aN ′
based on Eq. (43) are presented in Table 10.

7This value refers to a reported lower bound value of SIF threshold for non-welded structural steel for R = 0
in Radaj (1990). Interestingly, Livieri and Lazzarin (2005) found that the mean mode I N-SIF fatigue strength at
Nf = 5× 106 (R = 0, Ps = 50%, k = 3.2 equals the same value.
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Table 10. Estimates of characteristic length parameter of V-notched component aN ′
and El Haddad-

Smith-Topper parameter a
′
at sub-zero temperatures from fatigue test data at Nf = 5× 106 (R = 0,

Ps = 50%) and estimates for the change of long fatigue growth threshold stress intensity factor

Temperature
Assumed plain
specimen fatigue

strength

Long fatigue
crack threshold

Weld toe (2α = 135◦) Weld root (2α = 0◦)

T ∆σ0 ∆Kth ξ β aN ′
a

′
ξ β aN ′

= a
′

RT 150.4 MPa 180 MPa mm0.5 0.3264 1.345 0.615 0.456 0.5 1 0.456
−20 °C 162.1 MPa 1.12 × 180 MPa mm0.5 0.3264 1.345 0.664 0.492 0.5 1 0.492
−50 °C 168.5 MPa 1.21 × 180 MPa mm0.5 0.3264 1.345 0.717 0.531 0.5 1 0.532

To estimate the change of the El Haddad-Smith-Topper parameter a
′
at sub-zero tem-

peratures, a
′
is determined using the shape coefficient α ′

ξ (Eq. (27)). Again, applying the

values reported for β and α ′
ξ for the SED method by Atzori et al. (2005), an increase in

micro-structural support effect (here defined by a
′
) is determined for sub-zero tempera-

tures, see Table 10.

This result confirms the outcome of Section 6.4.3, i.e. the control radii of the SED

method should increase with decreasing temperature (cf. Eq. (12) and Eq. (17)). More-

over, the assumption that one SED scatter band should be representative for fatigue data

under different conditions (e.g. different temperatures) is supported.

Finally, the estimated increase of the El Haddad-Smith-Topper parameter a
′
at sub-zero

temperatures agrees well with the trend of increasing micro-structural support lengths ρ∗

at sub-zero temperatures obtained from the stress averaging approach. It can thus be

concluded that the micro-structural support effect hypothesis is well suited to perform

fatigue assessment of welded joints at sub-zero temperatures.

6.6
∣∣ Comparison of analysed fatigue assessment methods

To assess the relevance of the proposedmethods to account for temperature effects within

fatigue assessment, a comparison with state-of-the-art methods from Section 2.3 is per-

formed. The results for the state-of-the-art methods is taken from Braun et al. (2020d).

Due to the large exceedance of the design curves by the butt-welded joints, which is

typical for high-quality butt-welded connections (see Maddox (2002)), only the results of

the fillet-welded joints are subsequently compared. As a consequence, the results of the

stress averaging approach are also excluded from the comparison since they included the

butt-welded joints in the assessment. Nonetheless, results for the application of the SED
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method with the standard control radii RC (T = RT) derived from room temperature tests

are included as a reference.

In Figure 61, a comparison of mean deviations from the predictions (fatigue design

curves for Ps ≈ 97.5%) is presented—including error margins for the standard deviation.

Both quantities are derived similar to the results for the SED method (Figure 56) by using

Eq. (37), see Braun et al. (2020d). Each resulting value is further listed in Table 11.
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Figure 61. Deviation between experimental and predicted fatigue strength (Ps ≈ 97.5% for (a) weld
toe failure and (b) weld root failure, extended from Braun et al. (2020d) for the results of the SED
method. Stress ratio R = 0 for ASED method and R = 0.5 for the other methods. )

Table 11. Summary of mean deviations for fatigue assessment of weld toes and roots at sub-zero
temperatures

RT −20 °C −50 °C
Fatigue assessment concept

WT WR WT WR WT WR
Nominal stress 0.81 1.15 1.01 1.46 1.11 1.76
Structural hot-spot stress extrapolation 0.33 0.97 0.48 1.35 0.60 1.66
Structural stress linearization 0.33 0.55 0.48 0.93 0.60 1.24
Xiao & Yamada 1mm 0.49 0.30 0.64 0.67 0.76 0.99
Effective notch stress 0.55 0.18 0.70 0.56 0.82 0.87
SED RC (T = RT) 0.91 0.09 1.08 0.45 1.20 0.78
SED RC (T) 0.91 0.09 0.92 0.09 0.91 0.07

The prediction accuracy seemingly varies between failure locations (weld toe and root)

and fatigue assessment methods. The structural hot-spot stress extrapolation and lin-

earization, for example, fit well for weld toe failure. On the contrary, the deviation is among
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the largest for weld root failure. In general, the deviation of the stress-based methods is

highest for the nominal stress approach; yet, this comparison is slightly biased since the

nominal stress design curves account for higher levels of misalignment. In addition, the

effective notch stress method and Xiao and Yamada’s 1 mm stress approach give the least

over-conservatism of the stress-based methods for weld root failure (smallest bars), but

lead to a greater deviation in weld toe fatigue compared to the other local methods. In

contrast, it should be noted that the differences are smaller for all methods of assessing

weld toe failure. While a small number of samples tested at room temperature are be-

low the corresponding design curves of all local fatigue assessment methods, none are

below the design curves of the nominal stress methods. This agrees with a recent study

by Rohani Raftar et al. (2021), who found that the effective notch stress approach is less

conservative than the nominal stress approach for weld root fatigue. Furthermore, the

calculated standard deviation of all stress-based methods is almost identical due to the

scaling of the nominal stress results with different stress concentration factors. (Braun et

al. 2020d)

Interestingly, a comparably large deviation between the SED results and the design

curve is found for weld toe failure; nonetheless, at the same time the smallest deviation

between experimental and predicted results is obtained for weld root failure. It is, how-

ever, important to note that a number of cruciform joint test results lie below the design

curve for this concept. More importantly, while the mean deviations significantly increase

for all state-of-the-art methods (that are not capable of accounting for temperature ef-

fects), they remain constant if temperature effects are considered by adjusting the control

radii and Young’s modulus of the averaged SED method. For the state-of-the-art meth-

ods, the mean deviation for weld toe failure changes by about 0.15 and 0.27 for −20 °C

and −50 °C, respectively, and by 0.36 and 0.69 for −20 °C and −50 °C, respectively, when

assessing weld root failure.

From the mean deviations between the experimental and predicted number of cy-

cles to failure, modification factors usable for the common fatigue approaches can be

determined, see Table 11. The deviations are, however, not suitable for modifying the de-

sign curves directly as they refer to the deviation from the lower end of the scatter band

(Ps ≈ 97.5%); however, if a fixed deviation or safety level is determined, these factors

could be used to correct the design curves of various fatigue assessment concepts for a
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given temperature. Furthermore, modification functions could be derived by curve fitting

in order to assess varying temperature ranges, but this is not part of this thesis, as the goal

was to develop methods that are capable of taking temperature effects into account.

In summary, the fatigue assessment results for stress-based concepts can only account

for temperature effects by means of temperature modification factors. The benefit of

the two methods based on micro-structural effect hypothesis is that no correction factors

need to be applied, as the temperature effect is directly accounted for due to the relation

between temperature and micro-structural support effect.





7
∣∣ Discussion

This thesis had three objectives. First, the determination of the static and cyclic material

behaviour at room temperature down to temperatures representative for Arctic regions

(i.e. −50 °C) of two welded structural steel types. These tests built the basis for the ex-

tension of fatigue assessment methods to sub-zero temperatures. Additionally, Charpy

tests were performed to relate the change in fatigue behaviour to the properties that

are typically applied for material selection. Second, the fatigue behaviour of the afore-

mentioned experimental results was statistically and numerically assessed. Finally, fatigue

assessment concepts for welded joints—based on the micro-structural support effect hy-

pothesis—were extended to sub-zero temperatures and the results compared to the re-

sults obtained from the state-of-the-art stress-based concepts.

In the two subsequent sections, first the fatigue results obtained at sub-zero temper-

atures, and second the results obtained from the extended fatigue assessment concepts,

are discussed.

7.1
∣∣ Discussion of fatigue test results obtained at sub-zero

temperatures

From the experimental fatigue test results presented in this study, a clear increase in fa-

tigue strength is observed at sub-zero temperatures compared to room temperature. This

increase is evidently related to the effect of temperature, as statistical methods verified

a correlation between test temperature and fatigue life for the majority of weld details

and steel types. Thereby, results of earlier studies on FCG rate testing of base materials,

recent systematic investigations (e.g. Walters et al. (2016) and Alvaro et al. (2016)), as well

as S–N fatigue tests of welded joints at sub-zero temperatures (Kang et al. 2009; Bridges
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et al. 2012; Li et al. 2018; Viespoli et al. 2019; Zhao et al. 2020b; Wang et al. 2021) are

confirmed.

The increase in relative fatigue strength was found to be in the same order of magni-

tude for all weld details and both steels. Interestingly, the highest relative increase was

obtained for the weld detail with the highest notch acuity (cruciform joint), but the highest

absolute increase was obtained for the weld detail with the lowest notch acuity (butt-

welded joint).

In the cruciform joints and the S500 butt-welded joints, the fatigue cracks either had

already initiated in or grew into the weld metal, which was found to behave in a brittle

manor at −50 °C. This was confirmed by Charpy V-notch impact testing and fracture sur-

face investigations. Nonetheless, the fatigue strength of these test series further increased

below the ductile–brittle transition temperature of the weld metal. This is a beneficial ef-

fect for fatigue design; yet, unacceptable from a fracture toughness perspective due to

the risk of brittle failure of the engineering structure. The integrity of a structure could,

for example, be at risk due to welding defects in the weld metal. Interestingly, not all in-

ternational standards and classification societies require testing for the middle of the weld

metal. For example, EN 10225-1:2019 does not require such tests, but DNVGL-OS-C401

does.

The low fracture toughness of the weld metal is thought to be related to the welding

procedure (here flux-cored arc welding). In comparisons between flux-cored and sub-

merged arc welded joints with multiple weld layers, several studies found that flux-cored

arc welding leads to detrimental fracture toughness results in the middle of the weld metal

compared to other welding processes (Gubeljak et al. 2002; Vojvodic Tuma and Sedmak

2004; Coronado and Cerón 2010). Interestingly, in some butt-welded joints, brittle cracks

were found to arrest before final fracture, which is a desirable material property for struc-

tures exposed to low temperatures, see Hauge et al. (2015).

In general, welded joints can be assumed to possess better fatigue properties at tem-

peratures typical for Arctic regions as long as the temperature remains above the ductile–

brittle transition temperature. In this study, fatigue tests were performed down to a tem-

perature of −50 °C, which is lower than the design temperature defined by Hauge et al.

(2015) (−40 °C); however, the definition of suitable design temperature is an ongoing de-

bate, see (Horn et al. 2016; Ehlers et al. 2018; Kubiczek et al. 2019). Still, in order to exploit
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the full potential of increased fatigue properties, steels and welding processes need to be

chosen so that high fracture toughness properties can be ensured in all material zones.

Interestingly, a larger relative increase in fatigue strength was found for cruciform joints

with root failure compared to transversal stiffener and butt-welded joints with weld toe fail-

ure. Although transversal stiffener specimens and butt-welded joints show a longer crack

initiation period for which a higher temperature effect would be expected, the increase

in relative fatigue strength for these weld details was smaller than for the cruciform joint

detail. This confirms the expectation that the crack initiation and propagation are affected

differently by temperature effects. From FCG rate measurements by Walters et al. (2016)

and Alvaro et al. (2016), a stronger decrease in FCG rate was found in the low stress inten-

sity factor range than in the intermediate and higher region of the Paris-curve at sub-zero

temperatures. This might explain the different increase in fatigue strength as the ratio

between crack initiation and propagation varies significantly with notch acuity. In welded

joints with sharp notches, such as cruciform joints, the majority of the lifetime is defined

by crack propagation of gradually increasing crack length and stress intensity factor. On

the contrary, for mildly notched weld details like butt-welded joints, a large fraction of the

lifetime is spent initiating a crack and propagating it the first micrometres (Maddox 2002;

Lazzarin et al. 2008a). Once the crack has initiated it grows rapidly due to the relatively

high applied load level. In order to assess the effect of temperature on crack initiation at

mildly notched weld details, different fatigue assessment methods (e.g. the notch strain

approach) are better suited than stress-basedmethods or linear elastic fracture mechanics,

see Radaj et al. (2006).

Although the mean fatigue strength of the S500 transversal stiffener at RT is almost the

same as the S235 transversal stiffener specimens, the latter experienced a higher fatigue

strength increase at sub-zero temperatures. On the other hand, the fatigue strength in-

crease is much higher for the S500 butt-welded joints compared to the S235 butt-welded

joints. These observations could be coincidental as the statistical assessment of the S235

transversal stiffener test results has revealed that the correlation between test temperature

and residuals of logarithmic number of cycles to failure (assuming they follow a normal dis-

tribution) has a significantly larger confidence interval than the S500 transversal stiffener

test results. Furthermore, the confidence interval of the estimate of correlation coefficient

quickly increases for reduced smaller sample sizes of transversal stiffeners—obtained from
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the combined bootstrapping and jackknife approach.

While the confidence interval varies between moderate to strong correlation for the

smallest number of cruciform joints (n−20), it varies from no correlation to strong correla-

tion for about the same number of transversal stiffeners. For the S235 butt-welded joints

no correlation was observed at all. This highlights two important aspects. Firstly, other

influencing factors such as local weld toe geometry significantly affect fatigue strengths,

and thereby the number of specimens required to confirm a correlation between fatigue

life and test temperature. This effect does not affect the correlation of cruciform joints as

there is no significant variation of notch geometry of weld roots. Secondly, the number of

specimens was more than sufficient to verify the effect of test temperature for cruciform

joints with a very small scatter in fatigue test results, but was the minimum required for

transversal stiffeners and was not enough to investigate the temperature effect for butt-

welded joints. It is here assumed that they should also be affected by test temperature,

as this was proven for the other weld details and confirmed by the majority of literature.

The majority of studies available in the literature tested fewer specimens than have

been tested for this thesis and also fewer than typically recommended to derive S–N

curves, cf. (DIN 50100:2016-12; DNVGL-RP-C203; Hobbacher 2016). Typically, only one

type of weld detail was tested in most studies. Additionally, some studies performed

tests on base material specimens; however, none presented results for different weld de-

tails. As has been seen in this study and is generally known in fatigue theory, specimens

with lower notch acuity often show a higher scatter of fatigue test results (Haibach 2006).

Consequently, more test data is required for mildly notched specimens in comparison to

specimens with sharp notches. This leads to the question of whether the amount of S–N

test data was the main reason why some studies did not observe a pronounced effect of

test temperature on fatigue strength. In some studies (e.g. Kang et al. (2009), Bridges

et al. (2012), and Wang et al. (2021)), the scatter in fatigue strength is much larger than

the change in mean fatigue strength; still, only a few studies assessed their fatigue test

results statistically for a temperature effect on fatigue strength (e.g. Kang et al. (2009) and

Wang et al. (2021)).

Interestingly, the majority of studies—for which S–N test of welded joints has been

performed—chose to investigate the fatigue strength of butt-welded joints. Butt-welded

joints are one of the most common weld types in ship and offshore structures and are,
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for example, used in the outer hull of ships to join block sections. From a fatigue strength

perspective, these types of welds are often less critical than fillet-welded joints due to their

higher fatigue strength and typically higher plate thickness based on ultimate strength re-

quirements. There is a small number of studies on fatigue behaviour of non-load-carrying

fillet-welded joints and longitudinal stiffeners available in the literature (Bridges et al. 2012;

Li et al. 2018; Wang et al. 2021), but no studies are known to investigate the fatigue be-

haviour of joints showing weld root failure. This is, however, not surprising as weld details

that are prone to weld root failure are typically avoided in ships and offshore structures.

On the other hand, the benefit of performing tests on cruciform joints that fail from the

weld root is related to the small scatter of fatigue strength results and the low suscepti-

bility to angular misalignment effects—compared to joints that show weld toe failure. In

that regard, S–N tests of cruciform joints with weld root failure seem to be almost as well

suited to investigating particular influencing factors as fatigue crack growth rate tests, but

are easier to perform.

As initially stated, temperature effects on fatigue behaviour are more often investi-

gated using fatigue crack growth rate testing than S–N testing due to the smaller differ-

ences between individual specimens; nevertheless, fatigue design of engineering struc-

tures typically relies on stress-based fatigue assessment methods and thus on S–N data.

Hence, this thesis presented the first comprehensive study on S–N fatigue testing of

welded joints at sub-zero temperatures by means of three different weld details and for

two different steel types.

The positive effect of decreasing test temperature (above the fatigue transition tem-

perature) on fatigue strength reported in the literature was experimentally and statisti-

cally confirmed for the majority of weld details in this study; yet, further investigations

are required to explain the smaller relative increase observed for the transversal stiffen-

ers’ and butt-welded joints’ fatigue strength. For example, tests with artificially notched

specimens could help to fully assess the temperature, geometry, and material effects on

fatigue strength increase at sub-zero temperatures—similar to other studies investigating

fatigue influencing factors, see (Atzori et al. 2005; Berto et al. 2013; Baumgartner 2014;

Berto et al. 2014; Gallo et al. 2015; Louks and Susmel 2015; Fischer et al. 2016b).

The specimens of this study failed due to cracks either initiating in the heat-affected

zone (butt-welded joints and transversal stiffeners) or the weld metal (cruciform joints).
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The local microstructure is well known to affect fatigue crack initiation, but fatigue crack

propagation is known to be almost independent of microstructure within one group of ma-

terials (Maddox 2002); nonetheless, local brittle zones in welded joints can have a strong

effect if the test temperature is below their fatigue transition temperature (Zerbst et al.

2014). While fatigue cracks of the cruciform joint weld detail initiate in the weld metal,

they initiate in the heat-affected zone of the transversal stiffener and butt-welded joints.

Furthermore, residual stresses can vary significantly within welded connections, even in

small-scale specimens (cf. (Barsoum 2008; Barsoum and Barsoum 2009; Friedrich 2020;

Hensel 2020)) and are well known to affect the ductile–brittle transition temperature, see

(Anderson and McHenry 1982; Horn and Hauge 2011; Horn et al. 2012; Zerbst et al. 2014;

Østby et al. 2015; Horn et al. 2016).

Despite the steady increase in fatigue strength at sub-zero temperatures—even below

the ductile–brittle transition temperature obtained from Charpy V-notch testing—in this

study, adverse effects of temperature on fatigue strength of full-scale structures cannot

completely be ruled out. In their fatigue crack growth rate tests, Walters et al. (2016) and

Alvaro et al. (2017) found fatigue transition temperatures of 15 °C and 18 °C, respectively,

above the ductile–brittle transition temperature from Charpy V-notch impact testing (T27J).

Both measured only a small increase of the threshold stress intensity factor range below

the FTT, but the likelihood of hitting local brittle zones rises with increasing weld seam

length, see Zerbst et al. (2014).

Typically, the highest ductile–brittle transition temperature is found in the coarse-grained

and intercritically reheated coarse-grained heat-affected zones (Brandt et al. 2012; Zerbst

et al. 2014; Alvaro et al. 2016; Horn et al. 2016). This could possibly have led to smaller fa-

tigue strength increases for the specimens failing from theweld toe (butt-welded joints and

transversal stiffeners) compared to the cruciform joints. This seems contradictory to the

obtained Charpy V-notch impact test results—with higher ductile–brittle transition tem-

peratures in the middle of the weld metal than in the heat-affected zone. The reason for

this might be related to the weld shape of the butt-welded joints. The notch tip inter-

sects only a small area of the heat-affected zone in the Charpy V-notch specimens. The

likelihood of hitting a local brittle zone is consequently lower than in a fatigue specimen

where sometimes multiple cracks initiate along the heat-affected zone; nevertheless, such

effects would still be confined to a small area and only influence a fraction of the fatigue
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crack growth. If such an effect occurred it would be difficult to identify it based on visual

examination of the fracture surfaces, as the depth to crack initiation is only a few tenths

of a millimetre. The observed brittle fracture zones (during fatigue crack growth) all ap-

peared during later stages of the fatigue crack growth, when a significant fatigue crack

had already formed. Furthermore, the increase in fatigue crack growth rate below the

FTT was found to be less pronounced for lower stress intensity factor ranges (see Walters

et al. (2016) and Alvaro et al. (2016, 2017)); this would explain why the fatigue strength at

−50 °C is higher than at −20 °C.

In summary, the fatigue strength of welded joints—in terms of S–N curves—was found

to increase at sub-zero temperatures, even below the assumed fatigue transition tempera-

ture of different zones of the welded connections. The reason is assumed to be related to

the likelihood of hitting local brittle zones during early fatigue crack growth as this phase

dominates fatigue life of the specimens tested for this study. For large scale structures, the

likelihood of hitting local brittle zones increases with increasing weld length; still, a high

ductile–brittle transition temperature and static fracture toughness might be more impor-

tant for the integrity of a structure in such a scenario than a decreased fatigue strength

below the fatigue transition temperature.

In general, a significant fatigue strength increase was observed for welded joints at

sub-zero temperatures for all three weld details and both steel grades. While there is

no distinct difference in fatigue strength between normal and high-strength steel for the

fillet-welded test series, a higher increase was found for the S500 butt-welded joints com-

pared to the S235 test series. This is, however, not surprising as the fatigue strength of

weld details with sharp notches is typically independent of material strength, see Maddox

(2002). More importantly, international standards and guidelines do consider adverse ef-

fects of high temperature (typically above 100 °C) on fatigue strength, but neglect similar

effects at temperatures below room temperature, see (EN 1993–1–9:2005; LR ShipRight;

BS 7910:2013+A1:2015; Hobbacher 2016; EN ISO 19906:2019). To approach the de-

sign of engineering structures at sub-zero temperatures in a more holistic way, this aspect

should be considered in future generations of guidelines and standards.
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7.2
∣∣ Discussion of extended fatigue assessment methods applied to

sub-zero temperature fatigue test data

To allow fatigue assessment of welded joints for sub-zero temperature environments,

seven different fatigue concepts have been applied to assess the obtained fatigue test

data. Except for the stress averaging approach and the SED method, which are expected

to be able to cover temperature effects on fatigue strength based on the micro-structural

support effect hypothesis, all other methods rely on modification factors to take temper-

ature effects into account.

7.2.1
∣∣ Discussion of the extension of the stress averaging approach

Currently, the application of the stress averaging approach or other effective stress meth-

ods for the general assessment of welded joints at sub-zero temperatures is less feasible

than, for example, the SED method due to some general questions on the comparability

of different effective stress methods; yet, the biggest obstacle is the large number of test

data required to calibrate the method for particular applications by means of inverse es-

timation of the micro-structural support length ρ∗ (estimation by minimization of scatter

according to the proposal by Baumgartner et al. (2015)). Furthermore, problems arise with

the assessment of mildly notched weld details.

First, the shallower slope of the S–N curves for butt-welded joints makes it difficult to

find a suitable slope for the inverse procedure to determine ρ∗. Second, the wide scatter

compared to fillet-weld details decreases the accuracy of the method if a reference fatigue

strength is determined by means of curve fitting and third, mild notches experience a

material strength effect, which has a significant effect on the estimated value of ρ∗. The last

effect can be accounted for by means of a material strength correction as in (Baumgartner

et al. 2019; Braun et al. 2019); however, all three effects decrease the accuracy of the

inverse procedure or require a large amount of data to be mitigated. On the contrary,

the direct procedure of estimating the characteristic length parameter (El Haddad-Smith-

Topper parameter a
′
or characteristic length parameter of V-notched component aN ′

)

can be achieved more easily using data for the two typical weld shapes assumed by the

SED method (0° and 135° opening angle) in combination with either own material tests or
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literature data.

More reliable results for ρ∗ could probably be obtained by limiting the results to sharp

notch details like fillet-welded joints like for the SED method; nonetheless, this would

significantly affect the estimates for the micro-structural support length ρ∗ in this study,

as the amount of data is reduced by one third. A reduction of specimen number in this

range would significantly influence the estimate for ρ∗, as can been seen from the sta-

tistical assessment of fatigue test results in Chapter 5. Another possible approach is the

application of the localized weld toe geometry in FE models instead of using the assump-

tion of a reference radius rref = 0.05 mm as recommended when the actual geometry

cannot be determined, see Baumgartner et al. (2015). The reference radius might be suit-

able for sharp notches at weld toes and roots of fillet welded joints, but is probably less

suitable for large transition radii at the weld toes of butt-welded joints made by flux-cored

arc welding.

Interestingly, the application of the actual weld geometry in the microscale, also seems

to affect the estimate of the micro-structural support length ρ∗, see Liinalampi et al. (2016).

Applying the stress averaging approach to laser-hybrid welds made from thin plates, they

obtained amicro-structural support lengthmuch smaller than typically reported for welded

joints (ρ∗ = 0.05 mm). This approach seems certainly promising; yet, the measuring accu-

racy and resolution of laser profile sensors is known have a strong effect on the determined

weld geometry, see Schubnell et al. (2020a). Therefore, it seems likely that more research

is required until actual weld geometries can reliably be modelled and used for fatigue

assessment based on the stress averaging approach or other TCD methods.

In general, it is difficult to compare the SED’s direct method for the determination

of the material characteristic length L to the inverse method of the stress averaging ap-

proach. Both methods rely on large datasets to determine either ρ∗ or the reference

fatigue strength parameter that form the basis of the SED method (plain specimen fa-

tigue strength ∆σ0 and mode I N-SIF fatigue strength ∆KN
1 ). Despite the large scatter in

the normalized mean increase of threshold stress intensity factor range at sub-zero tem-

peratures (k∆Kth,norm
) presented in Section 2.1, the uncertainty of mode I N-SIF fatigue

strength ∆KN
1 at sub-zero temperatures is expected to be smaller than the uncertainty of

plain specimen fatigue strength∆σ0. While the coefficient of variation of the data used to

determine ∆KN
1 is rather small (CV = 8.8%), the variation of ∆σ0 found for room temper-
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ature results in the literature amounts to CV = 24.7%, see Table 1. It is thus assumed that

the plain specimen fatigue strength∆σ0 is also the main source of uncertainty at sub-zero

temperatures.

Comparing the estimates of material characteristic length parameter from the stress

averaging (ρ∗) and SED method (aN ′
or a

′
) directly is not feasible. Both (material charac-

teristic length L of the TCD method and the El Haddad-Smith-Topper parameter a
′
) are

considered to be material constants, but the procedure to determine them varies signifi-

cantly. Furthermore, it still has to be investigated whether the application of the inverse

procedure of determining ρ∗ is suitable to estimate L. Originally, a
′
and L did not in-

clude any geometrical effects. Eq. (11) was later extended for arbitrary crack geometry

function Y by Härkegård (1981). This relation is mentioned by Taylor (2007); however, he

specifically acknowledges that both parameters lead to different predictions due to the

consideration of the crack shape (Y 6= 1)—expect for the cases of long cracks (a
′ � a)

and plain specimens (a ≈ 0 mm). He further elaborates that the difference between both

becomes largest for crack lengths in the range of the material characteristic length L. It

is thus assumed that it is not possible to estimate L by means of the inverse procedure,

due to the aforementioned strong influence of the notch geometry on the estimates of

the micro-structural support length ρ∗. Furthermore, a strong deviation between effec-

tive stresses obtained for the two most commonly applied TCD methods was observed

in Braun et al. (2020e) for different notch shapes and material behaviour (plane stress and

plane strain). Similar deviations were obtained by Hu et al. (2019) for a large number of

experimental results of notched components obtained from the literature. Interestingly,

the highest deviation was found for blunt notches and short material characteristic lengths

L < 0.3 mm. This agrees with an investigation by Silva et al. (2012) and by Benedetti and

Santus (2020), who observed an increase in prediction error for low notch acuities.

Assuming that the initial crack length ai at the fatigue limit is of the order of the El

Haddad-Smith-Topper parameter (a
′
/Y2) according to the engineering approach by Atzori

et al. (2008) (Eq. (25)), a large deviation between actual and estimated L can be assumed if

L is estimated from fatigue test data of welded joints according to the inverse procedure.

The reason is that most welded joints are neither similar to plain specimens nor fulfil the

long crack requirement (except for cruciform joints failing from a non-penetrating weld

root). One possibility could be to account for the notch shape by correcting the stress



7
∣∣ Discussion 136

gradient or the effective stress for various micro-structural support lengths ρ∗ during stress

averaging; nevertheless, this would significantly increase the effort needed to applied the

stress averaging approach and can thus be considered infeasible.

An alternative could be to extend a more recent formulation of the TCD methods by

Susmel and Taylor for the medium-cycle fatigue regime, see Susmel and Taylor (2007,

2013). In their work, they treated the material characteristic length L as a parameter de-

pendent on number of cycles to failure and obtained it by equating the fatigue strength

of plain and notched specimens. Thereby, differences in slope exponent of fatigue data

of components with blunt and sharp notches can also be accounted for. Consequently,

this approach has proven to be successful for various loading scenarios of notched com-

ponents (Susmel and Taylor 2007, 2013; Louks and Susmel 2015; Faruq and Susmel 2019;

Luo et al. 2019), as it takes the notch geometry directly into account. A similar proce-

dure was proposed by Susmel and co-workers for welded joints, see (Susmel 2008; Al

Zamzami and Susmel 2017, 2018). To account for the scatter of fatigue test results of

welded joints, the TCD method was linked to the N-SIF scatter band and estimates for the

plain specimen fatigue strength of flush-ground butt-welded joints—using data by Livieri

and Lazzarin (2005). Interestingly, Atzori et al. (2005) suggested a similar approach for the

determination of the generalized Kitagawa-Takahashi diagram for V-notched components.

As an alternative to the estimation of the notch shape opening angle effect by means

of the SED method, they proposed an assessment based on the point method of the TCD

methods. Rearranging Eq. (6) so that the tangential stress of Williams’ stress equation

becomes a function of the mode I N-SIF with:

σΘΘ (r,Θ = 0) =
KN
1√

2πrξ
(44)

and assuming the stress to be equal to the fatigue strength at a critical distance (r =

L/2) along the notch bisector (Θ = 0) offers a possibility to estimate L for sharp notches.

As a result, it is possible to estimate L separately for different notch geometries; yet,

similarly to the previously discussed approaches, Atzori et al. (2005) and Susmel and co-

workers’ (Susmel 2008; Al Zamzami and Susmel 2017, 2018) approaches are strictly limited

to sharp notches that fulfil the requirements of the N-SIF method. Consequently, identical

estimates from TCD methods and the SED method can be obtained from data of sharply
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notched specimens. The material characteristic length L, however, equals the El Haddad-

Smith-Topper parameter a
′
only for a through crack in an infinite plate (Y = 1) (Taylor 2007;

Taylor and Hoey 2009).

In summary, there are a number of problems related to the application of the stress

averaging approach for welded joints which are still to be answered before it seems feasi-

ble to estimate the material characteristic length L under different conditions like sub-zero

temperatures; nonetheless, a general trend is certainly obtainable from fatigue test data

using the approach proposed by Baumgartner et al. (2015). Thus, it is not surprising that

the trend of increasing micro-structural support lengths ρ∗ with decreasing test tempera-

ture was confirmed by the SEDmethod. Nonetheless, compared to including temperature

effects into the stress averaging approach, the application of the SED method appears to

be more straightforward; nevertheless, the SED method also has certain limitations, which

are subsequently discussed.

7.2.2
∣∣ Discussion of the extension of the SED method

Two different approaches based on the averaged strain energy density method were ap-

plied to estimate the change of micro-structural support effect at sub-zero temperatures

compared to room temperature.

• The first idea was based on an optimization approach similar to the inverse procedure

of the stress averaging approach; nonetheless, instead of finding a set of parame-

ters that minimizes the fatigue scatter, control radii RC (T) for sub-zero temperatures

were calculated that led to the same mean deviation of fatigue life from the design

curve for all three test temperatures.

• The second is based on the generalized Kitagawa-Takahashi diagram for V-notched

components by Atzori et al. (2005) and the relation of the characteristic length pa-

rameter of a V-notched component aN ′
to the El Haddad-Smith-Topper parameter

a
′
, and thereby to the control radius RC.

Both approaches are subsequently discussed—starting with the approach based on

a uniform scatter band for SED-based assessment of welded joints. To extend the SED
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method for welded joints to sub-zero temperatures, the assumption that one fatigue de-

sign curve can be representative for the assessment of various notch or weld details under

different condition was adopted for this study. This assumption was in the past not only

applied to welded joints, but also for notched components made of the same material but

tested at different temperature (e.g. room temperature and high temperatures of several

hundred °C). The only requirement is that support effects are covered on the load-side,

for example, by varying the control radius RC. The same assumption is the basis for the

FAT160 curve of the stress averaging approach or other local fatigue assessment methods

and is based on normalized S–N curve concept by Haibach, see Haibach (1968).

Assuming the control radii and scatter band to be correct for room temperature, radii

were estimated separately for weld toe and weld root failure. The basic idea of the first

SED-based approach relates to the relation between control radii RC and the El Haddad-

Smith-Topper parameter a
′
(Eq. (12)). This relation is frequently applied to assess the

fracture behaviour of various materials (e.g. Lazzarin and Zambardi (2001) and Berto and

Lazzarin (2007, 2009)), but is also regularly applied for the fatigue assessment of notched

components, see (Berto et al. 2013, 2014; Gallo et al. 2015; Gallo and Berto 2016; Hu et

al. 2019). For welded joints, the initially proposed control radius RC has been changed a

number of times since the first application of the SEDmethod to assess the fatigue strength

of welded joints in (Lazzarin and Zambardi 2001). This process is related to reassessment

of the underlying assumptions; yet, the range of suggested radii remained within 0.26 to

0.36 mm. In this study, the radii proposed by Fischer et al. (2016b,c) were applied for the

room temperature fatigue test data. These radii were obtained by reassessing the original

data, which was used to establish the SED method for welded joints, and by performing

new tests on artificially notched welded joints.

Recalling Eq. (16), the control radii RC for welded joints are a function of the mode I

N-SIF (∆KN
1 ) and the fatigue limit of flush-ground butt-welded joints (∆σ0). Relating the

initial defect at weld toes to a
′
, Atzori et al. (2005, 2008) showed that the micro-structural

support effect at weld toes is also related to the El Haddad-Smith-Topper parameter a
′
.

Next, control radii for weld toe and root failure at sub-zero temperatures were derived

using the fatigue test data of transversal stiffeners and cruciform joints, following the mas-

ter S–N curve assumption. By doing so, the mean deviation between experimental and

estimated number of cycles to failure was calculated for both failure locations at room
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temperature. This mean deviation was then used to find the control radii that led to the

same deviation at −20 °C and −50 °C. Consequently, an assessment of fatigue strength

of welded joints is possible without introducing a correction of the proposed ∆W − N

scatter band as is required for stress-based concepts, see Braun et al. (2020d). The nov-

elty of this approach is that fatigue test data at different temperatures is synthesized by

finding radii that fit the data best. This is achieved by a adjusting the radii until the same

deviation from the design curve is achieved as for room temperature test data. A similar

approach was presented by Berto et al. (2014) for notched and unnotched 40CrMoV13.9

steel specimens; however, they introduced an empirical temperature sensitivity function

Q (T) instead of adjusting the radius to reflect the change in micro-structural support ef-

fect.

Verifying this concept by performing tests for∆σ0 and∆KN
1 at sub-zero temperatures is

practically infeasible, as it requires a large amount of data to be tested at equal conditions

and due to the large inherent scatter in fatigue test results of flush-ground butt-welded

joints. Hence, three assumptions were introduced.

First, in Chapter 4 and literature results, it was assumed that ∆σ0 and ∆KN
1 are a func-

tion of temperature based on the fatigue test results of weld details with sharp and mild

notches. Second, the assumed linear relation between ∆KN
1 and stress intensity factor

threshold for long cracks ∆Kth (according to Atzori et al. (2005, 2008)) was applied to es-

timate the change of∆KN
1 at sub-zero temperatures. Third, the change of fatigue strength

of the S500 butt-welded joints was used as an estimate for the change of∆σ0 with temper-

ature. The first assumption can be considered true based on the assessment of correlation

between test temperature and fatigue test results in Chapter 5. The second can be ap-

plied as long as the fatigue life is mainly governed by fatigue crack propagation and the

mode II N-SIF is non-singular (i.e. fatigue strength is defined only by the mode I contribu-

tion). The third is based on the fact that a fatigue strength similar to those reported for

flush-ground butt-welded joints was obtained for the S500 butt-welded joints. The reason

for the high fatigue strength is the large weld toe radii of up to 3 mm.

Using this relation an increase in control radii at sub-zero temperatures is estimated,

which agrees with the assumption of the master S–N curve approach. The reason for this

is the larger increase of mode I N-SIF (∆KN
1 ) compared to the fatigue limit of flush-ground

butt-welded joints (∆σ0). This result agrees with the higher relative increase in fatigue
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strength of weld details with sharp notches compared to the mildly notched butt-welded

joints.

More importantly, an increase in control radii simultaneously leads to an increase of the

El Haddad-Smith-Topper parameter a
′
or material characteristic length L according to Eq.

(12). This result agrees well with the results presented for the stress averaging approach.

Clearly, it cannot be considered proof, as both approaches are based on the same data,

but if Berto et al. (2014) had adjusted the control radius for their data instead of introducing

the temperature sensitivity functionQ (T), they would have obtained a decreasing control

radius for increasing temperature.

Next, the second approach based on the generalized Kitagawa-Takahashi diagram for

V-notched components by Atzori and Lazzarin (2001) and Atzori et al. (2003) will be dis-

cussed. Again, the relation between control radii RC and the El Haddad-Smith-Topper pa-

rameter a
′
was applied to assess the change of micro-structural support effect at sub-zero

temperatures. By extending the original diagram for a shape coefficient α ′
ξ, a character-

istic length parameter of V-notched component aN ′
for varying V-notch opening angles

was introduced. Using different local fatigue assessment methods, they showed that α ′
ξ is

only dependent on the notch opening angle (2α). As a result, the El Haddad-Smith-Topper

parameter a
′
can directly be determined if the mode I N-SIF (∆KN

1 ) and the fatigue limit of

flush-ground butt-welded joints (∆σ0) are known. Again, the aforementioned assumptions

were applied to estimate∆KN
1 and∆σ0 in order to estimate the change of micro-structural

support effect at sub-zero temperatures.

Following Atzori and Lazzarin (2001) and Atzori et al. (2003) hypothesis, aN ′
is consid-

ered to be representative for the micro-structural support effect at weld toes and roots of

the specimens tested for this thesis; nevertheless, the relation between control radii RC

and the El Haddad-Smith-Topper parameter a
′
(Eq. (12) and Eq. (17)) is used to compare

the two approaches presented in this study. Comparing the estimates of control radii ob-

tained by means of the generalized Kitagawa-Takahashi diagram with the ones obtained

by adjusting the mean deviation, a reasonably good agreement is obtained (see Table 12).

Interestingly, the highest deviation is obtained at room temperature. Indeed, the con-

trol radii obtained using the generalized Kitagawa-Takahashi diagram are closer to the

original proposed radii for the SED method. The reason is probably related to the slight

difference between the fatigue limit of flush-ground butt-welded joints (∆σ0) and the fa-
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Table 12. Comparison of the estimated control radii RC (T) obtained by adjusting the mean devi-
ation based on Eq. (37) and from the generalized Kitagawa-Takahashi diagram using the estimates

of El Haddad-Smith-Topper parameter a
′
at sub-zero temperatures

Temperature
diagram

Generalized Kitagawa-Takahashi Adjusting the mean deviation
based on Eq. (37) both approaches

Deviation between

Weld toe Weld root Weld toe Weld root

T a
′

RC,WR aN ′
= a

′
RC,WR RC,WT RC,WR

[mm] [mm] [mm] [mm] [mm] [mm]
Weld toe Weld root

RT 0.456 0.385 0.456 0.388 0.32 0.325 17.0% 16.2%
−20 °C 0.492 0.416 0.492 0.418 0.37 0.41 11.0% 2.0%
−50 °C 0.531 0.449 0.532 0.452 0.41 0.51 8.6% −12.8%

tigue strength of the S500 butt-welded joints at room temperature; still, two important

aspects can be seen from this comparison. First, both methods simultaneously estimate

an increase of control radii RC and the El Haddad-Smith-Topper parameter a
′
at sub-zero

temperatures based on the available test data and literature results. Second, a small vari-

ation in the parameters used to estimate the micro-structural support effect can have a

significant effect on the estimated fatigue parameter. The reason is that small changes

of control radii have strong effect on the averaged strain energy density (∆W). This, and

the general application of local fatigue assessment methods for welded joints using the

micro-structural support effect hypothesis to account for fluctuating temperatures, will be

discussed in the subsequent section.

7.3
∣∣ Applicability of local fatigue assessment methods based on the

micro-structural support effect hypothesis for welded joints at room

and sub-zero temperatures

While the aim of the preceding two sections was to discuss particular aspects related to

the extension of the stress averaging approach and the SED method to sub-zero tem-

peratures, the aim of this section is to discuss the application of local fatigue assessment

methods based on the micro-structural support effect hypothesis for problems like fluctu-

ating temperatures.

To this day, there is a limited number of studies related to the fatigue of welded joints

under the influence of fluctuating temperatures and, in general, temperatures different

from room temperature. Furthermore, the majority of available studies focus on temper-

atures high enough to cause creep, see Mannan and Valsan (2006). Although it is well



7
∣∣ Discussion 142

known that temperature effects cause changes of the micro-structural support effect at

notches, studies investigating this effect for sub-zero temperatures are not known; yet,

there are a number of related studies on fatigue of notched components at high temper-

atures. Among those, Gallo and Berto (2016) applied both the SED method and TCD

methods for fatigue assessment based on the micro-structural support effect hypothe-

sis. They showed that temperature effects on fatigue strength can be accounted for on

a sound physical basis without the need for modification factors. Their work motivated

the application of those methods for fatigue assessment of welded joints at sub-zero tem-

peratures; however, a couple of basic questions remain that were not investigated in this

study, but are important for the application of both methods.

One example of such questions is the recommended SED control radii for welded

joints. Lazzarin et al. (2003) stated that as long as only mode I stress distribution is singular,

small variations of RC have limited effect on the fatigue life predictions. Otherwise, the

influence of varying RC is significantly increased. In more recent studies by Fischer et al.

(2016a,b,c) and Hu et al. (2019), this assumption was refuted; nevertheless, the determi-

nation of suitable radii in connection with the proposed scatter band is still unresolved.

The application of the control radii according to Fischer et al. (2016b,c) led to a non-

conservative assessment for weld root failure of cruciform joints. The reason is that the

scatter band for welded joints was originally established for a control radius of 0.28 mm.

This result agrees with the observations by Fischer et al. (2016b,c). Therefore, it is recom-

mended to adjust the scatter band, e.g. by accounting for misalignment effects. This can

be easily be achieved by adjusting the scatter band by the same factor as the data that

was used to derive the larger control radii. Alternatively, the control radii proposed by

Lazzarin et al. (2003) may be applied; yet, this would lead to more conservative results for

other joints details.

Interestingly, Taylor et al. (2002) reported analytical—based on Radaj’s effective notch

stress method (Radaj 1990)—and experimental values of the El Haddad-Smith-Topper pa-

rameter a
′
for welded joints equal to 0.31 mm and 0.43 mm, respectively. This leads to

control radii RC of 0.26 mm and 0.36 mm according to Eq. (17), cf. Lazzarin et al. (2003).

As the fatigue test results of the fillet-welded joints match well both the design curve of

the effective notch stress method (see Braun et al. (2020d)) and the SED scatter band, it

can be assumed that the El Haddad-Smith-Topper parameter a
′
for welded joints reported
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by Taylor and the control radii in this range are likely representative for the fatigue test at

room temperature.

In this study, an extension of the SED method to sub-zero temperatures was presented

by adjusting the control radii. This approach allows an accurate assessment based on the

micro-structural support effect hypothesis; nonetheless, adjusting the radius to fluctuating

temperatures might be impractical. In order to overcome the disadvantage of adjusting

the control radii for various temperatures, a temperature correction formula M (T) was

introduced to ease SED-based assessment for temperatures different from room temper-

ature. The difference to the empirical modification factors for stress-based methods is

that changes of Young’s modulus E and the micro-structural support effect hypothesis are

accounted for in this formula.

Comparing the results of the SED method with other fatigue assessment methods, a

good agreement between experimental and predicted fatigue life at RT is achieved for

most local stress-based fatigue assessment methods except, for the structural stress ex-

trapolation method applied to weld root failure. For the nominal stress approach, a signif-

icantly higher deviation is found, which is partially due to the higher level of misalignment

considered in the design curves of the nominal stress approach. Interestingly, a high de-

viation is also found for the SED method and weld toe failure. This comparison shows

that there is still work required to improve fatigue assessment of welded joints at room

temperature, but also at sub-zero temperatures.

Finally, comparing the results obtained for the averaged SED method with control radii

and Young’s modulus adjusted to sub-zero temperatures, the advantage of methods that

account for the micro-structural support effect becomes clearly visible. While the mean

deviations significantly increase for all state-of-the-art methods, they remain constant if

temperature effects are considered by adjusting the control radii and Young’s modulus of

the averaged SED method. This plainly shows the relevance of methods based on the

micro-structural support effect hypothesis and the importance of including temperature

effects within fatigue assessment.
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This study investigated the fatigue strength of welded steel joints at room and at sub-zero

temperatures by means of S–N tests. To confirm observed trends, experimental results

were statistically assessed regarding temperature effects and compared with international

standards. Furthermore, Charpy V-notch impact and tensile testing was performed in or-

der to characterize the material behaviour at sub-zero temperatures and to relate changes

of fatigue strength to material tests typically required by international standards.

In regard to the first research hypothesis and objective, the fatigue strength of welded

joints was found to increase at sub-zero temperatures, even below the assumed fatigue

transition temperature of different zones of the welded connections.

Next, the applicability of local fatigue assessment methods for welded joints exposed

to sub-zero temperatures was analysed. Two fatigue assessment methods based on the

micro-structural support effect hypothesis were extended to be able to account for tem-

perature effects on fatigue strength.

With respect to the second research hypothesis as well as the second and third objec-

tive, fatigue assessment methods based on the micro-structural support effect hypothesis

have proven to be suitable to account for temperature effects based on their relation to

the El Haddad-Smith-Topper parameter a
′
and linear elastic fracture mechanics. The fol-

lowing conclusions are drawn from the experimental test programme and the statistical

assessment of the fatigue test results:

• On average, the fatigue strength of the welded steel joints tested in this study in-

creased constantly with decreasing temperature throughout the tested range. The

average fatigue strength increase in mean fatigue strength compared to room tem-

perature was about 7% at −20 °C and 15% at −50 °C, respectively. This trend was
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statistically confirmed by an assessment of the correlation between test temperature

and the number of cycles to failure using bootstrapping and a jackknife approach.

• Fatigue design curves for welded joints derived from tests at room temperature can

safely be applied to temperatures as low as−50 °C, but highly underestimate the ac-

tual fatigue strength at sub-zero temperatures; this is in particular true for cruciform

joints.

• Comparing the increase in fatigue strength at sub-zero temperatures, the highest

relative increase was obtained for the weld detail with the highest notch acuity (cru-

ciform joint with weld root failure), but the highest absolute increase was observed

for the weld detail with the lowest notch acuity (butt-welded joint).

• The highest increase in mean fatigue strength, of approximately 25.5%, has been

found at −50 °C for the cruciform joints made of a normal-strength steel grade that

is only qualified for −20 °C (based on fracture toughness properties). This extends

the findings of Walters et al. (2014) that steel grades not aimed for particular low

temperature toughness properties often fulfil fracture toughness requirements at

lower temperatures.

• The correlation between test temperature and number of cycles to failure is influ-

enced by the number of other influencing factors (i.e. misalignment and local weld

geometry). As a result, the strongest correlation was observed for the weld detail

with the lowest number of factors (cruciform joints with weld root failure). Further-

more, the statistical evaluation has shown that the amount of data was generally

adequate to draw these conclusions; nevertheless, the lower the notch acuity the

larger the amount of data required to confirm a temperature effect. Hence, pre-

vious studies that did not confirm a pronounced effect of temperature on fatigue

strength might not have tested enough specimens.

• Welded joints produced by FCAW exhibit a low fracture toughness in the middle

of the weld zone after undergoing several heat cycles; however, fatigue cracks usu-

ally initiate in the heat-affected zone and not in the weld metal (with the exception

of cruciform joints showing weld root failure). As a consequence, the low fracture

toughness does not seem to decrease the fatigue strength of the specimens in this
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study. In large welded structures this could, however, lead to brittle fracture of the

structure, if the crack advances along a weld seam through the weld metal.

• Although visual inspections of the fracture surfaces reveal brittle fracture areas in

some specimens, the fatigue strength increases even below the assumed fatigue

and ductile–brittle transition temperature. The reason is that the fatigue strength

of small-scale specimens is dominated by early fatigue crack propagation; the like-

lihood of hitting local brittle zones at this stage of fatigue crack propagation is low

compared to latter stages when a line-type crack has formed along the weld toe.

The following conclusions are drawn from the extension of fatigue assessment methods

for welded joints based on micro-structural support effect hypothesis to sub-zero temper-

atures, and the comparison with state-of-the-art fatigue assessment methods:

• In general, fatigue assessment methods based on the micro-structural support ef-

fect hypothesis are well suited for the fatigue assessment of welded joints at sub-

zero temperatures. Both applied methods (stress averaging approach and averaged

strain energy density method) are capable of accounting for changes of support ef-

fect based on their underlying relation to material characteristic length parameters

like the El Haddad-Smith-Topper parameter.

• Using both methods and two different approaches based on the averaged strain en-

ergy density method, an increase in micro-structural support effect (defined by the

material characteristic length parameter) is estimated for decreasing test tempera-

tures.

• It is possible to assess the fatigue strength of welded joints at different tempera-

tures using the SED scatter band—that was derived using room temperature fatigue

data—by adjusting the control radii and Young’s modulus. The need for modification

factors as for stress-based methods is thereby avoided.

• Comparing the SED method and its extended version for sub-zero temperatures

with state-of-the-art fatigue assessment methods, large differences in prediction ac-

curacy are found for weld toe and weld root failure. In general, all methods lead to

conservative results for weld toe failure; yet, the results of cruciform joints showing
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weld root failure are non-conservatively assessed by some local fatigue assessment

methods.

• Finally, all fatigue assessment methods are applicable at sub-zero temperatures as

they lead to more conservative assessment results compared to room temperature;

nevertheless, methods based on micro-structural support effect hypothesis help to

avoid over-conservatism.





9
∣∣ Outlook

Knowledge about the fatigue behaviour of welded structures under extreme temperature

conditions is decisive for their safety in Arctic environments. This study has confirmed an

increasing fatigue strength of welded joints with decreasing temperature; yet, the ma-

jority of current standards and guidelines do not consider temperature effects on fatigue

strength below room temperature. Furthermore, no guidance is given regarding material

and welding process selection to achieve an optimal combination of fatigue strength and

fracture toughness in structures exposed to sub-zero temperatures. In consultation with

classification societies, the basis for the approval of steels and welded structures under

extreme conditions should be extended to approach this topic from a more holistic per-

spective. This applies to the assessment of fatigue strength as well as design concepts for

ships and offshore structures in general; nevertheless, the obtained insights are useful for

other engineering structures as well.

The results demonstrated the general applicability of normal and high-strength steels

under these conditions. Furthermore, the use of high-strength steels, with careful consid-

eration of application criteria and production processes, offers considerable advantages

to improve the design of ship and offshore structures exposed to sub-zero temperatures.

For the future, however, optimized welding procedures will facilitate the consideration of

increased fatigue strength at sub-zero temperature. To reach both high fatigue strength

and fracture toughness, further research is required, since butt joints with multiple weld

layers made by flux-cored arc welding are known to suffer low fracture toughness com-

pared to joints made by submerged arc welding processes, in particular in the middle of

the weld metal. From a fracture mechanics perspective, the required toughness at low

temperatures in the weld metal is not fulfilled by the flux-cored arc welded joints in this
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study. Contrary to this, S–N testing does not show any decrease in fatigue strength due

to embrittlement of the weld material and the heat-affected zone. Indeed, joints made by

flux-cored arc welding often possess smoother weld toe transition radii than other welding

processes, thus explaining the higher fatigue strength of flux-cored arc welded compared

to submerged arc welded joints. To meet fracture toughness properties at low tempera-

tures in all zones of welded joints and to exploit the high fatigue strength of flux-cored

arc welded high-strength steel joints, welding materials with very high fracture toughness

properties are required. If this is not followed, the toughness in the weld metal is far below

that of the base material and in the heat-affected zone.

Further research is necessary to cover all aspects of fatigue assessment to enable the

consideration of increased fatigue strength under sub-zero temperatures within the de-

sign of ships and offshore structures. Major open points are seen in the behaviour under

variable amplitude loading and fatigue strength of thermal cut plate edges. In particu-

lar the combination of varying temperatures and loads will be a major challenge for the

design of structures exposed to drifting sea ice and sub-zero temperatures.

With the increasing demand for sustainable development and sources for renewable

energy comes the need to constantly develop the technologies, design, and safety within

the renewable energy industry. In the case of offshore wind turbines (where fatigue is one

of the major design criteria), the trend follows an increase of development in areas at high

latitude, where not only are the loads from wind and waves a consideration, but also that

of seasonal moving and crushing sea ice causing cyclic actions.

The goal of future projects will be to develop combined load spectra for wind, waves,

and ice loadings on an offshore wind turbine structure and to verify the observation made

on fatigue strength at sub-zero temperatures in constant amplitude loading tests to vari-

able amplitude loading. A first possible concept for the verification of a combined load

spectra by means of variable amplitude loading tests has already been presented in Mi-

laković et al. (2019), Braun et al. (2021c), and Høyland et al. (2021).

Furthermore, this thesis has proven that the currently available fatigue assessment

methods show varying degrees of accuracy for different types of weld details. None of

the typical stress-based methods are currently capable of being used for all types of weld

details; however, with methods that require higher effort in preparation of the models

and assessment procedure, higher accuracy can be achieved compared to more basic ap-
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proaches. Due to this, there is an ongoing need to improve current fatigue assessment

methods or to develop new ones.
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Appendix

A
∣∣ Welding procedure specifications (WPS)

Please get in contact if you are interested in the welding procedure specifications of the

test specimens via: moritz.br@tuhh.de
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(e) S235 butt-welded joint
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(f) S500 butt-welded joint
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(a) S235 cruciform joint
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(b) S500 cruciform joint
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Figure 62. Fatigue test results of S235J2+N (a) and S500G1+M (b) cruciform joints, S235J2+N
(c) and S500G1+M (d) transversal stiffener specimens, and S235J2+N (e) and S500G1+M (f) butt-
welded joints based on a free slope exponent k
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C.1
∣∣ S235 Butt-joints

Table 13. S–N test results of S235 butt-welded specimens at room temperature

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 280.0 205609 RT Fracture
2 217.9 5000000 RT Run-out
3 297.1 343150 RT Fracture
4 236.5 810333 RT Fracture
5 180.0 5624387 RT Run-out
6 260.0 321432 RT Fracture
7 180.0 7744254 RT Run-out
8 260.0 235194 RT Fracture
9 180.0 407694 RT Fracture
10 260.0 160151 RT Fracture
11 220.0 243232 RT Fracture
12 260.0 114118 RT Fracture
13 220.0 312366 RT Fracture
14 220.0 1902818 RT Fracture
15 220.0 725092 RT Fracture
16 200.0 768368 RT Fracture
17 220.0 3781093 RT Fracture
18 180.0 2000000 RT Run-out
19 200.0 656954 RT Fracture
20 180.0 488565 RT Fracture
21 260.0 108776 RT Fracture
22 180.0 2000000 RT Run-out
23 220.0 803740 RT Fracture
24 260.0 664544 RT Fracture
25 280.0 213398 RT Fracture
26 190.0 1826068 RT Fracture
27 190.0 473696 RT Fracture
28 220.0 305117 RT Fracture
29 190.0 10000000 RT Run-out
30 280.0 319892 RT Fracture
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Table 14. S–N test results of S235 butt-welded specimens at −20 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 240.0 571606 M20 Fracture
2 200.0 234684 M20 Fracture
3 280.0 148412 M20 Fracture
4 240.0 214654 M20 Fracture
5 220.0 835526 M20 Fracture
6 280.0 203002 M20 Fracture
7 180.0 2000000 M20 Run-out
8 260.0 126552 M20 Fracture
9 220.0 429544 M20 Fracture
10 260.0 240086 M20 Fracture
11 220.0 783136 M20 Fracture
12 280.0 184024 M20 Fracture
13 200.1 1162608 M20 Fracture

Table 15. S–N test results of S235 butt-welded specimens at −50 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 280.0 209087 M50 Fracture
2 240.0 719842 M50 Fracture
3 310.0 200989 M50 Fracture
4 280.0 392415 M50 Fracture
5 240.0 431036 M50 Fracture
6 300.0 149843 M50 Fracture
7 210.0 2105723 M50 Run-out
8 310.0 282971 M50 Fracture
9 258.1 248052 M50 Fracture
10 240.0 255448 M50 Fracture
11 320.8 129670 M50 Fracture
12 300.0 194629 M50 Fracture
13 290.1 265787 M50 Fracture
14 223.0 601768 M50 Fracture
15 220.0 763860 M50 Fracture
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C.2
∣∣ S500 Butt-joints

Table 16. S–N test results of S500 butt-welded specimens at room temperature

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 300.0 722026 RT Fracture
2 419.2 80184 RT Fracture
3 276.4 10000000 RT Run-out
4 260.0 2274125 RT Fracture
5 266.9 710451 RT Fracture
6 320.0 313513 RT Fracture
7 360.0 191116 RT Fracture
8 260.0 713111 RT Fracture
9 340.0 218595 RT Fracture
10 340.0 149971 RT Fracture
11 290.0 228992 RT Fracture
12 300.0 231818 RT Fracture
13 279.5 234573 RT Fracture
14 320.0 629736 RT Fracture
15 316.8 360445 RT Fracture
16 240.0 7561126 RT Run-out
17 340.0 328700 RT Fracture
18 320.0 272590 RT Fracture
19 290.0 349319 RT Fracture
20 380.0 122311 RT Fracture
21 340.0 10000000 RT Run-out
22 380.0 2912820 RT Run-out
23 340.0 131989 RT Fracture

Table 17. S–N test results of S500 butt-welded specimens at −20 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 400.0 133737 M20 Fracture
2 360.0 297250 M20 Fracture
3 300.0 633217 M20 Fracture
4 320.0 672723 M20 Fracture
5 434.8 72671 M20 Fracture
6 340.0 327669 M20 Fracture
7 290.0 236711 M20 Fracture
8 400.0 160067 M20 Fracture
9 340.0 308737 M20 Fracture
10 290.0 702893 M20 Fracture
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Table 18. S–N test results of S500 butt-welded specimens at −50 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 420.0 157508 M50 Fracture
2 400.0 128916 M50 Fracture
3 340.0 314754 M50 Fracture
4 400.0 194268 M50 Fracture
5 340.0 438822 M50 Fracture
6 400.0 209635 M50 Fracture
7 320.0 461843 M50 Fracture
8 360.0 349352 M50 Fracture
9 320.0 570909 M50 Fracture
10 400.0 117223 M50 Fracture
11 340.0 379852 M50 Fracture
12 300.0 508381 M50 Fracture
13 280.0 621342 M50 Fracture

C.3
∣∣ S235 Cruciform joints

Table 19. S–N test results of S235 cruciform joint specimens at room temperature

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 121.29 200397 RT Fracture
2 85.66 513308 RT Fracture
3 170.25 63264 RT Fracture
4 86.03 617488 RT Fracture
5 69.15 1107726 RT Fracture
6 117.63 175885 RT Fracture
7 52.33 2000000 RT Run-out
8 60.61 1450935 RT Fracture
9 133.35 175690 RT Fracture
10 82.11 533189 RT Fracture
11 58.05 1983106 RT Fracture
12 68.07 1190739 RT Fracture
13 65.06 1542842 RT Fracture
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Table 20. S–N test results of S235 cruciform joint specimens at −20 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 210.45 231.96 M20 Fracture
2 67.75 79.70 M20 Fracture
3 166.32 194.67 M20 Fracture
4 100.18 124.13 M20 Fracture
5 74.04 84.67 M20 Fracture
6 63.76 73.78 M20 Fracture
7 129.19 141.63 M20 Fracture
8 177.84 191.50 M20 Fracture
9 87.25 93.37 M20 Fracture
10 120.20 128.74 M20 Fracture
11 170.84 186.05 M20 Fracture
12 210.45 231.96 M20 Fracture
13 67.75 79.70 M20 Fracture

Table 21. S–N test results of S235 cruciform joint specimens at −50 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 118.37 339812 M50 Fracture
2 210.15 69686 M50 Fracture
3 77.62 1515536 M50 Fracture
4 70.06 2000000 M50 Run-out
5 147.71 254516 M50 Fracture
6 151.98 203657 M50 Fracture
7 104.43 620058 M50 Fracture
8 150.78 192626 M50 Fracture
9 178.46 121347 M50 Fracture
10 102.30 635430 M50 Fracture
11 85.52 1341644 M50 Fracture
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C.4
∣∣ S500 Cruciform joints

Table 22. S–N test results of S500 cruciform joint specimens at room temperature

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 138.68 134308 RT Fracture
2 85.03 514439 RT Fracture
3 142.15 133046 RT Fracture
4 52.78 2181756 RT Fracture
5 174.21 62366 RT Fracture
6 59.16 1477773 RT Fracture
7 85.88 576098 RT Fracture
8 60.23 1496514 RT Fracture
9 88.37 548545 RT Fracture
10 99.35 466503 RT Fracture
11 124.70 251687 RT Fracture
12 95.13 290161 RT Fracture
13 56.93 1469382 RT Fracture

Table 23. S–N test results of S500 cruciform joint specimens at −20 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 156.31 114953 M20 Fracture
2 70.63 1119176 M20 Fracture
3 115.26 311537 M20 Fracture
4 212.32 81776 M20 Fracture
5 132.55 276996 M20 Fracture
6 140.83 244758 M20 Fracture
7 77.16 1191167 M20 Fracture
8 164.04 107830 M20 Fracture
9 95.83 496190 M20 Fracture
10 64.92 1313662 M20 Fracture
11 94.95 390510 M20 Fracture
12 99.31 412030 M20 Fracture
13 221.50 46177 M20 Fracture
14 116.24 279244 M20 Fracture
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Table 24. S–N test results of S500 cruciform joint specimens at −50 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 75.80 1280183 M50 Fracture
2 122.49 284986 M50 Fracture
3 122.65 292182 M50 Fracture
4 83.98 1195473 M50 Fracture
5 145.56 245270 M50 Fracture
6 133.81 317495 M50 Fracture
7 204.09 78425 M50 Fracture
8 167.66 128434 M50 Fracture
9 84.18 821066 M50 Fracture
10 90.90 609769 M50 Fracture
11 145.26 154210 M50 Fracture

C.5
∣∣ S235 Transversal stiffener

Table 25. S–N test results of S235 transversal stiffener specimens at room temperature

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 158.73 1509639 RT Fracture
2 130.28 1161853 RT Fracture
3 180.00 884878 RT Fracture
4 217.82 493274 RT Fracture
5 120.24 2000000 RT Run-out
6 260.52 124887 RT Fracture
7 140.00 763297 RT Fracture
8 216.44 135579 RT Fracture
9 185.57 235077 RT Fracture
10 130.00 804553 RT Fracture
11 222.66 185544 RT Fracture
12 156.84 516850 RT Fracture
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Table 26. S–N test results of S235 transversal stiffener specimens at −20 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 240.00 510210 M20 Fracture
2 260.00 137194 M20 Fracture
3 160.00 1194646 M20 Fracture
4 220.00 273922 M20 Fracture
5 240.00 163897 M20 Fracture
6 260.01 134340 M20 Fracture
7 220.00 312405 M20 Fracture
8 150.00 2000000 M20 Fracture
9 210.08 680665 M20 Fracture
10 200.00 629345 M20 Fracture
11 240.00 254828 M20 Fracture
12 200.00 229678 M20 Fracture
13 150.00 1073923 M20 Fracture

Table 27. S–N test results of S235 transversal stiffener specimens at −50 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 240.00 500321 M50 Fracture
2 220.01 280147 M50 Fracture
3 280.00 159305 M50 Fracture
4 260.00 169144 M50 Fracture
5 160.01 1160951 M50 Fracture
6 200.00 388773 M50 Fracture
7 174.67 1795696 M50 Fracture
8 240.00 576394 M50 Fracture
9 240.01 182489 M50 Fracture
10 198.00 361075 M50 Fracture
11 255.87 139122 M50 Fracture
12 280.01 95453 M50 Fracture
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C.6
∣∣ S500 Transversal stiffener

Table 28. S–N test results of S500 transversal stiffener specimens at room temperature

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 150.01 1115441 RT Fracture
2 140.00 1552463 RT Fracture
3 240.00 168696 RT Fracture
4 150.01 959266 RT Fracture
5 200.00 369667 RT Fracture
6 140.00 2000000 RT Run-out
7 280.00 127220 RT Fracture
8 200.00 340001 RT Fracture
9 150.00 1164655 RT Fracture
10 320.00 62466 RT Fracture
11 200.00 264277 RT Fracture
12 158.10 666117 RT Fracture

Table 29. S–N test results of S500 transversal stiffener specimens at −20 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 257.38 153744 M20 Fracture
2 197.98 359963 M20 Fracture
3 200.01 363454 M20 Fracture
4 179.89 501744 M20 Fracture
5 140.00 1671841 M20 Fracture
6 302.42 99708 M20 Fracture
7 220.00 318516 M20 Fracture
8 280.00 126662 M20 Fracture
9 149.99 838979 M20 Fracture
10 150.00 1015536 M20 Fracture
11 242.47 252670 M20 Fracture
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Table 30. S–N test results of S500 transversal stiffener specimens at −50 °C

Specimen-Nr. ∆σ [MPa] Number of Cycles Temp. (RT, M20, M50) Result
1 178.63 1622199 M50 Fracture
2 320.00 92407 M50 Fracture
3 280.01 113804 M50 Fracture
4 296.97 134674 M50 Fracture
5 260.00 221062 M50 Fracture
6 240.00 290906 M50 Fracture
7 200.00 359960 M50 Fracture
8 238.82 168862 M50 Fracture
9 220.00 321248 M50 Fracture
10 180.00 450327 M50 Fracture
11 150.01 1189241 M50 Fracture
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